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Abstract

Material variations in steels — even within specific standards — can significantly influence
machinability, leading to inconsistent tool wear behaviour that challenges process reliability,
compels conservative machining strategies and increases production costs in industrial
manufacturing. Although general trends are recognised within machinists, the machinability of
steels is governed by a complex interplay of numerous factors that are difficult to isolate. This
thesis investigates the influence of microstructural variations and non-metallic inclusion
characteristics on the machinability of steels, with particular emphasis on tool wear behaviour and
tribological interactions at the tool-chip interface. The thesis integrates experimental observations
with modelling approaches to improve the understanding of thermo-mechanical conditions in
machining. An enhanced semi-analytical model for predicting tool-chip interface temperature is
developed, enabling more accurate estimation of thermal loads that govern wear mechanisms.

A multi-faceted experimental approach is adopted, combining detailed material characterisation
with controlled machining tests across several steel grades, including case-hardening steels,
micro-alloyed steels, bearing steels, and stainless steels. Microstructural features such as ferrite
fraction, grain size, and pearlite morphology are quantified alongside non-metallic inclusion
populations, including sulphides, oxides, and nitrides. These material characteristics are
systematically correlated with tool wear mechanisms observed under well-defined cutting
conditions. Across all investigated materials, the results demonstrate that even subtle variations
in microstructure — such as reduced ferrite content, finer grain size, or decreased interlamellar
spacing — lead to differences in tool wear response. In parallel, the role of non-metallic inclusions
is shown to be equally critical. Soft, deformable inclusions such as MnS contribute positively to
machinability by promoting chip segmentation and, in some cases, forming lubricating tribo-layers
at the tool surface. In contrast, hard inclusions such as alumina-rich oxides and titanium nitrides
act as abrasive particles, accelerating coating degradation and tool failure. Importantly, the
findings highlight that machinability is not governed solely by inclusion quantity, but by a complex
interplay of inclusion size, morphology, and chemical composition. A key contribution of this thesis
lies in advancing the understanding of tribo-layer formation during machining. Through advanced
characterisation techniques, including SEM, EDS, and FIB-STEM, the formation of protective
layers composed of inclusion-derived material is identified as a decisive factor in tool performance.
These tribo-layers can reduce friction and shield the tool surface; however, their formation is
shown to be highly sensitive to both inclusion chemistry and tool coating composition.

The research further demonstrates that machinability must be interpreted as a system-level
response, influenced not only by material properties but also by process conditions, geometric
factors as well as cutting tool selection. Variations in tool-workpiece engagement, such as
changes in effective depth of cut, are shown to significantly alter wear behaviour, particularly in
industrial environments where such variations are difficult to control. The findings provide a
foundation for improved material design through inclusion engineering, as well as for the
development of predictive models and adaptive machining strategies aimed at achieving
consistent and optimised tool performance in industrial applications.

Keywords: machining, tool wear, micro-alloyed steel, machinability, inclusion, thermal modelling
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1. Introduction

1.1. Background and motivation

To enable the development and optimisation of sustainable machining processes, it is
essential to establish robust and reliable predictive models and simulation tools that can
accurately capture the inherent complexity of machining operations. Equally important is
a comprehensive understanding of the workpiece material characteristics that determine
machinability, as even minor variations between batches, even within standard
specifications, can significantly affect a material’s machinability. Consequently, nominally
identical materials from different suppliers or production batches do not necessarily
exhibit the same machinability [1, 2]. Furthermore, given supply chain bottlenecks and
increasing geopolitical uncertainty, manufacturing companies can often no longer rely on
a single supplier for sustained production. This necessitates improved capabilities for
managing material-related variations in production systems. The development of
integrated and microstructure-sensitive modelling approaches that account for batch-to-
batch variations plays a critical role in optimising production performance and effectively
controlling process fluctuations. Otherwise, productivity losses or a compromise in
product quality would occur.

A primary challenge in modern manufacturing is the lack of precision in tool life
predictions, stemming from an incomplete understanding of how workpiece
characteristics influence wear mechanisms. While predictive models are widely deployed,
they often lack explicit consideration of microstructural effects, failing to account for the
stochastic microstructural variations that drive batch-to-batch inconsistencies in
machinability. Consequently, manufacturing facilities struggle to implement optimised
tool-change schedules. From an economic perspective, such optimisation is of
considerable interest to the manufacturing industry, as previous studies have shown that
optimised tool change strategies can yield cost reductions of up to 40% in industrial
production systems [3].

A better understanding of the influence of workpiece microstructure on machinability is
therefore of central importance, as it supports compliance with stringent requirements
for dimensional accuracy and surface integrity, while simultaneously increasing
productivity and enabling lean and sustainable manufacturing methods. These
improvements are typically reflected in performance indicators such as Overall
Equipment Effectiveness (OEE) [4]. To achieve this, a systematic investigation of
microstructural variations that lead to differences in machinability is required, combined
with a thorough understanding of the underlying mechanisms of tool wear. This would
complement the implementation of reliable physics-based and efficient modelling
approaches to improve the understanding of tool wear progression during machining. To
this end, this research is an initiative within the FFI project WEAR-FRAME, which aims to
expand the existing knowledge in the aforementioned areas.



1.2. Research scope and focus

The first area of focus in this work is on the development of an efficient and reliable semi-
analytical method for simulating the interface temperature during cutting. Thermally
induced wear mechanisms, especially crater wear and plastic deformation, are strongly
dependent on the temperature distribution at the interfaces between the tool, chip, and
workpiece. Therefore, accurate simulation of tool wear and reliable prediction of tool life
require precise determination of tool temperatures during machining. The complexity and
limitations of experimental methods for measuring tool temperatures underscore the need
for robust thermal models of the cutting process. In this context, the present work aims
to further develop the established analytical thermal models of Komanduri and Hou [5-7]
and Moufki et al. [8]. The modifications are intended to improve the accuracy of
temperature predictions based on a physics-based understanding of the tribological
conditions at the tool-chip interface. The results of this work were published in the first
published article (Paper A) of this thesis work [9].

The second and most important focus in this work is to elucidate the influence of material
microstructure on tool wear behaviour during machining. A major source of error that
undermines the predictability of machining is the variation in workpiece material between
different batches. These variations can be attributed to steelmaking processes and
subsequent treatments such as heat treatment. These differences can influence
microstructural phases, the type and distribution of non-metallic inclusions, and the
thermo-mechanical properties of the material. Accordingly, this work focuses particularly
on batch-to-batch microstructural variations that can influence the machinability of low-
alloy steels and stainless steels. An attempt is made to determine the relationship
between microstructural characteristics and tool wear response when machining two
batches of modified C38 micro-alloyed steels under the same cutting conditions. The
results are summarised in Paper B [2], appended to this thesis. A similar comparative
study on the machinability of a high-carbon case-hardening steel is presented in Paper
C. This study incorporates a stronger industrial perspective through machining tests
performed on production lines at Volvo Group Trucks. Paper D extends the investigation
and understanding of machinability to various stainless steel grades and provides a
detailed comparative study of ferritic, martensitic, austenitic, super austenitic, duplex,
and super duplex stainless steels.

While characterising the microstructural features of the workpiece is an essential first step
in understanding its machinability, the inherent complexity of metal cutting processes
requires a more in-depth investigation of the tribological interactions between tool and
workpiece that occur at the tool surfaces in the cutting zone. Accordingly, the third focus
of this work addresses the formation and stability of protective tribo-layers in the cutting
zone. In this context, Paper E presents a detailed investigation of the tool surface and its
compositional layers, examining the potential formation and stability of protective tribo-
layers during the machining of different batches of 100Cr6 bearing steel. The study
highlights the influence of such layers on tool wear and investigates their origin by
comparing tools used for machining different steel batches.



1.3. Research objectives

By thorough investigations of the relationships between batch variation and tool wear
progression, machining operations can be optimised to ensure higher productivity and
improved workpiece quality. Despite extensive research in steel characterisation, the
understanding of the influence of microstructural variations on the machinability of the
material remains limited. Correspondingly, the predictability and simulation of tool wear
(and by extension, tool life) are hindered by the many sources of variation in the complex
machining processes, including batch-to-batch microstructural variations. This limits
effective process optimisation and underscores the need for a deeper understanding of
workpiece machinability. Accordingly, a main objective of this research is to answer the
following research questions (RQ):

RQ1- Does a physics-based approach to quantify tribological conditions at the tool-
chip interface improve the accuracy in simulating the stress and thermal
conditions during turning?

Despite the extensive body of work on tool temperature modelling in metal cutting,
discrepancies persist in the underlying assumptions regarding heat generation and
partitioning at the tool-chip interface. Existing models differ in their treatment of heat flux
and heat partition distributions, with assumptions alternating between constant and
variable quantities [10-13]. Moreover, several models do not reflect the established
tribological conditions at the interface, where shear stress, sliding velocity, deformation
rate and heat generation vary according to the sticking-sliding partition [11, 12]. The
omission or oversimplification of these physics-based mechanisms has led to inconsistent
predictions of both maximum temperature and temperature distribution along the tool
rake face. An accurate representation of the tribological conditions at the tool-chip
interface also enables a clearer understanding of their influence on protective layer
formation on the tool surfaces (RQ3), as well as improved insight into thermally and
mechanically driven wear mechanisms. These advantages motivate the need for
improved thermal modelling that explicitly accounts for the tribological phenomena at the
tool-chip interface. This research question is addressed in Paper A, where a physics-
based approach is developed to quantify interfacial tribological conditions and assess
their influence on the simulated stress and thermal distributions during turning.

RQ2 -  How do microstructural properties influence the machinability of various grades
of steels?

Machinability of steel grades is often assessed using standard certificate properties such
as hardness, tensile properties and chemical composition. However, such properties
alone do not adequately and fully reflect the complex interactions governing machining
behaviour [14]. In fact, even microstructural variations between different batches of
nominally-identical steel grades, within standard specifications, have been shown to
strongly influence their machinability [14]. From an industrial perspective, this variability
directly influences production efficiency and process predictability, as it impacts tool life
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and, consequently, tool change intervals. However, the specific factors driving these
differences remain poorly understood. In the absence of a systematic, material-specific
analysis, it remains difficult to identify which microstructural properties are most critical
to the machining performance of such materials. Papers B, C, D and E address this gap
by characterising microstructural properties in different grades of steels. Papers B, C and
E focus on the machinability variation of batches within specific steel grades, while Paper
D compares machinability between different stainless steel grades. Relationships
between material-specific properties and experimentally observed tool wear are then
established to identify key factors governing the machinability of these materials.

RQ3-  Can workpiece microstructural variations influence the formation and stability
of protective tribo-layers on the cutting tool?

Material transfer at the tool-chip interface is a key phenomenon influencing machinability
during cutting. The transfer of workpiece material onto the cutting tool modifies the
effective interface between the tool and chip, thereby altering the prevailing tribological
conditions [15]. Interactions of a chemical, oxidative, and diffusional nature between the
tool, chip, and surrounding environment are well recognised contributors to tool wear.
Under certain conditions, however, the combined interaction of the tool, coating,
workpiece material, and atmospheric oxygen can promote the formation of tribo-layers
that reduce wear progression [15-18]. Variations in chemical composition,
microstructure, thermo-mechanical properties, and inclusion content can influence the
tool-workpiece contact conditions, which govern the formation and stability of these tribo-
layers [15, 17, 19]. Despite this, the influence of such variations on tribo-layer
development is not sufficiently examined in a systematic manner. Paper E addresses this
research gap, specifically in bearing steels, by linking batch-specific properties of 100Cr6
to post-machining analyses of tribo-layer formation on different grades of cutting tools.

The research approach and sequence adopted in this work are schematically presented
in Fig. 1, highlighting the relevant research questions within each area of focus.



Focus 1 — Modelling

Machining Modelling
Cutting conditions Tool selection Experimental inputs Model parameter
V., )I’ a, Grade, gleometry By By by b inputs
v b 12 !
— Design of experiment Model selection
Workpi terial scioch t Modg/l,//
orkpiece material selection i
= TaTingests Model modification & optimisation
C45 carbon steel > / Variable/constant heat flux & heat partition
Wear characterisation ¥
C50 carbon steel - — Results generation
[ Tool characterisation ] ;
¥ 3 > Results validation
SE/BSE-SEM Optical profilometer & ——r Y — <
Contact length Crater goemetry | Model comparison |
] RQ1 — Paper A
- e J
Focuses 2 and 3 — Machinability
( Machining Wear characterisation )
Cutting conditions Tool selection =i Tool wear characterisation
: ; ; Ve £ a, Grade, geometry
Workpiece material selection L 5 1 [ SE/BSE-SEM ] [ EDS ]
( ) ) Design of experiment
C38 micro-alloyed steel ¥ ( Advanced tool wear characterisation
Turning tests
20MnCrS5 case- FIB-SEM
hardening steel 5 - - ¥ 3 Y
— terial U i
A Workpiece material characterisation [ SE/BSESEM ][ EDS ][ STEM-IN-SEM ]
100Cr6 bearing steel Microstructure
Stainless steels LOW, BOF-5FM, EBSR (T " correlation of w A |
L el Non-metallic inclusions | Correlatlor;]of w?ar. ar:q Workgiecs |
BSE-SEM, EDS ! characterisation
- - | RQ2 and RQ3 |
Thermo-mechanical propertles L Papers B, C, D and E
Hardness and tensile tests | || '\ o o e e e e o e e e e e J
\ J

Fig. 1. Schematic representation of the research approach and sequence adopted in this research.






2. Tool wear during turning

This chapter provides an overview of the basic turning principles as well as the types and
mechanisms of tool wear.

2.1. Fundamentals of turning

Metal cutting is the process of removing material from a workpiece using a cutting tool to
create a desired shape that is symmetrical about its axis of rotation. In turning, the
workpiece is clamped in a rotating chuck, while the tool is fed into the workpiece to
remove material in the form of chips, as shown in Fig. 2. In longitudinal turning, shown in
Fig. 2(a), the cutting tool is fed parallel to the axis of rotation of the workpiece. The
directions of the cutting force (F.), the feed force (Fr) and the passive force (F,) that
correspond to this type of turning are also shown. Longitudinal turning was employed in
Papers C and D. In contrast, during facing operations, as shown in Fig. 2(b), the tool feed
is radial to the workpiece’s axis of rotation. The cutting, feed, and passive force directions
for face turning are also shown. Facing is used in Papers A, B and E.

Longitudinal Turning Face Turning

.::”[................ ..\ ....... .\ ..a‘u ------- ::::::éﬁf
/ )
ap? A
Workpiece Workpiece ’
irectign of feed

Tool F. Tool - F.

Direction of feed

k)‘: f k*p
Fp Ff

(a) (b)

Fig. 2. Schematic illustrating (a) longitudinal turning and (b) face turning showing the main cutting
parameters: cutting speed V., feed f and depth of cut ap.

2.2. Cutting tools

In order for cutting tools to be suitable for machining workpiece materials, they must meet
a number of strict requirements. Primarily, they must have high hardness to resist abrasive
wear, while also maintaining sufficient toughness and compressive strength to withstand
fracture and plastic deformation [20]. In addition, chemical stability and inertness with
respect to the workpiece material are required. Given these demands, ceramics,
polycrystalline diamond, and cubic boron nitride are employed as cutting tool materials;
however, their properties (and cost) may limit their applicability in certain domains.
Tungsten carbide (WC), when combined with a suitable durable coating, offers a more
favourable combination of high bulk hardness and toughness over a broad temperature
range, making it the most widely used cutting tool material [20]. Cemented tungsten
carbide (WC-Co) is a composite material produced by powder metallurgy through liquid
phase sintering and serves as a substrate in approximately 53% of cutting tools on the
market [21]. In addition to the inherent hardness and wear resistance of the tungsten
carbide grains, the binder phase — typically cobalt (Co) — provides toughness and
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improves the material’s resistance to fracture. The mechanical properties of Co-based
cemented carbides can be tailored through modifications in WC grain size, binder
content, or the addition of secondary carbides such as TaC, NbC, or TiC, enabling
optimisation of the material for specific machining applications.

To further improve their mechanical, chemical, and thermal stability at elevated
temperatures, cemented carbide tools are coated with protective layers, as is the case in
80-90% of such tools [21]. These coatings are applied predominantly using chemical
vapour deposition (CVD) or physical vapour deposition (PVD). For steel machining, the
CVD coatings often consist of different combinations and thicknesses of titanium
carbonitride (Ti(C,N)) and alumina (Al.Os). Ti(C,N) increases the abrasive resistance and
mechanical stability of the tool, while alumina provides chemical inertness, low thermal
conductivity and sufficient mechanical stability at the elevated temperatures encountered
during metal cutting [22, 23]. The tools used in this work are described in Chapter 6.

2.3. Tool wear in turning

The thermal and mechanical loads experienced by the cutting tool during machining lead
to degradation of the cutting edge until its eventual failure. It is generally known that a
worn tool has a detrimental effect on the functional properties and dimensional accuracy
of the produced component and therefore must be replaced once the wear exceeds the
application-specific threshold.

2.3.1. Tool wear types

Tool wear can broadly be classified into progressive and stochastic types. Progressive
wear develops gradually over time, increasing with cutting duration, whereas stochastic
wear occurs suddenly and unexpectedly. Owing to their gradual nature, progressive wear
types can typically be modelled to provide an estimate of tool life and to predict, with
reasonable accuracy, the timing of a required tool change. In contrast, stochastic wear
cannot be reliably predicted through modelling and instead requires sensor-based
monitoring due to its abrupt occurrence. Flank, notch and crater wear, shown
schematically in Fig. 3, are considered progressive types of wear. Chipping is considered
a stochastic wear type because it occurs suddenly by excessively high mechanical and
thermal loads on the tool [24].

Flank wear Notch wear Crater wear

Fig. 3. Schematic representation of the main wear types investigated in this research and the main
quantification parameters used.
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Flank wear

One of the most common types of progressive wear in metal cutting is flank wear, which
manifests as an increase in the contact area between the tool's flank surface and the
newly generated workpiece surface. Flank wear typically develops in three stages,
starting with an accelerated run-in phase, followed by a phase of steady wear, and ending
in accelerated wear till failure [25]. The increased contact between tool and workpiece
directly alters the mechanical, tribological, and thermal conditions in the cutting zone [26,
27]. Specifically, the feed and passive forces acting on the tool’s flank tend to increase
as flank wear progresses, which can lead to elevated temperatures, and reduced
machining stability [28]. Flank wear is therefore a critical factor in determining tool life and
the timing of tool changes in industrial practice. A common method to quantify flank wear
is by measuring its maximum width, denoted as VBgmax in Fig. 3(a). It was monitored as a
key indicator of wear and machinability in Papers B, C, D, and E.

Notch wear

Notch wear is another progressive wear type that develops at the depth-of-cut line, arising
from a combination of high mechanical stress and increased local temperatures, and is
often exacerbated by specific workpiece properties. Workpiece materials that exhibit high
ductility and work hardening promote the formation of notch wear [29, 30]. These material
properties lead to a work-hardened layer on the workpiece and the formation of work-
hardened, and potentially serrated, chips during machining, which rub against the tool at
the depth-of-cut line along the major cutting edge [31]. The complexity of notch wear is
further increased by the influence of additional factor; for example, ambient oxygen
content has been shown to influence notch wear for cemented carbide tools [32]. Notch
wear on the major cutting edge often leads to tool chipping, whereas notch formation on
the minor cutting edge degrades the surface integrity of the machined component [33].
A common method to quantify notch wear is by measuring its maximum width, denoted
as VBwmax In Fig. 3(b). Given the high ductility and work hardening tendencies exhibited
by various stainless steels, this type of wear was particularly observed in Paper D.

Crater wear

Crater wear is a thermally activated, progressive wear type that develops on the tool’s
rake face primarily due to the sliding action of the forming chips, particularly at elevated
temperatures. The formation and growth of a crater reduces the strength of the cutting
edge and compromises the structural integrity of the tool, increasing the likelihood of
catastrophic failure, particularly when crater wear occurs in conjunction with significant
flank wear [26]. Crater wear also influences the stress distribution at the tool-chip
interface and can alter the heat generation during the process. Common indicators of
crater wear are the maximum crater depth (K7) and the maximum crater depth’s distance
from the cutting edge (Kwv), shown in Fig. 3(c).

2.3.2. Tool wear mechanisms

The tool wear mechanisms underlying both progressive and stochastic wear can be
abrasive, adhesive, diffusion-dissolution, or plastic-deformation based [34]. Abrasion
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occurs when hard particles — originating either from the workpiece, such as non-metallic
inclusions or carbides, or from fragments of the tool itself — penetrate the tool surface
during relative tangential motion between the chip and the tool [35]. In his study on
machining steels, Marinov [36] showed that the extent of abrasive wear depends on the
tool material's hardness as well as the amount of abrasive inclusions in the workpiece. Xu
et al. [37] demonstrated that resistance to abrasive wear in chemically identical steels is
linearly correlated with some mechanical properties, mainly the hardness. In fact, the
intensity of abrasive wear increases markedly when the hardness ratio between the
abrading and abraded materials exceeds 1.25 [38, 39]. Given the thermal softening
effect at the high cutting temperatures, it is the high temperature hardness of the material
pair that determines whether the particle can abrade the tool material [40]. The extent of
abrasion has also been shown to correlate to the size and shape of the abrasive particles,
with larger and more angular particles leading to more pronounced abrasion compared
to smaller and rounder ones [41]. Various studies by Ramalingam and Wright [42], Halila
et al. [43], and Binder et al. [44] reported increased abrasive wear with higher
concentrations of hard particles in the workpiece material.

Adhesion arises from the formation of micro-welds between the tool and workpiece
materials, promoted by the high contact pressures in the cutting zone, which can be in
the range of 2-3 GPa [45, 46]. The subsequent shearing action of the flowing chips may
then cause material to separate from the tool rather than at the tool-chip interface,
resulting in the gradual pullout of tool coatings and a loss of tool volume [47]. This
mechanism is typically most pronounced in workpiece materials with high ductility,
making it especially relevant in machining of stainless steels [48, 49].

Diffusion-dissolution occurs under sustained contact between tool and workpiece,
leading to material loss either through diffusion of tool atoms into the workpiece [27] or,
conversely, the incorporation of workpiece atoms into the tool, which can impair its wear
resistance [27, 50]. During machining of stainless steel with cemented carbide tools,
Saketi et al. [51] showed that crater wear can result from the diffusion of W, C and Co
atoms into the chip. Plastic deformation, in contrast, is typically caused by excessive heat
generation during cutting, which thermally softens the tool material and allows it to yield
under the applied mechanical loads [52, 53]. In the case of cemented carbide tools,
plastic deformation can occur by a combination of binder deformation, WC-grain
deformation or WC-network deformation by grain boundary sliding [53, 54].

In practice, multiple wear mechanisms are usually active simultaneously, with their
relative contribution governed largely by the temperature within the cutting zone. Such
temperature changes may arise either from changes in cutting conditions, such as an
increase in cutting speed, or from the gradual progression of tool wear. Wear mechanisms
can generally be classified into three main groups: mechanical, thermal and adhesive
[25]. Adhesive wear is dominant across a lower range of cutting temperatures compared
to thermal mechanisms such as diffusion-dissolution wear, which prevail at higher
temperatures [48]. When machining typical steel grades, mechanical wear mechanisms
such as abrasion contribute progressively less to tool volume removal as temperature
increases and lose prominence as thermal wear increases exponentially [55].
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3. Thermal modelling of the cutting process

In metal cutting, experimental measurements and material characterisation can provide
a partial understanding of the cutting process. However, many quantities of interest, such
as local temperatures and stresses at the tool-chip interface, are difficult or impossible to
measure with high accuracy [56, 57]. In addition, productivity requirements and practical
constraints within production environments often limit the scope of experimental trials,
making it challenging to systematically investigate the influence of multiple process
parameters. In this context, modelling emerges as a valuable complementary tool,
enabling the virtual evaluation of machining conditions and their effects on the thermo-
mechanical loading of the cutting tool and the progression of wear. Not only do such
models support the development of high performance machining in industrial
applications, but they also improve the fundamental understanding of metal cutting. In
particular, thermal models help improve the understanding of the prevalent tribological
conditions during cutting and can, by extension, also give insight into tool wear evolution
during cutting, especially for thermally induced wear types such as crater wear and
plastic deformation [58]. The need for accurate thermal models is further underscored in
light of the difficulties associated with measuring cutting temperatures experimentally.

Accurate modelling of the temperature distributions during metal cutting requires
consideration of a wide range of factors, including the thermo-mechanical properties of
the workpiece material, the applied cutting conditions, the tribological behaviour at the
tool-chip-workpiece interfaces, and the geometry and thermal properties of the cutting
tool. Accordingly, the motivation behind RQ1 is to improve the accuracy of semi-analytical
thermal models, using physics-based quantification of the tribological conditions at the
tool-chip interface. Such models account for the heat generation in the cutting zone using
various assumptions related to the heat flux in the secondary shear zone (section 3.1)
and tool micro-geometry (section 3.2). The challenges are elaborated in section 3.3.

3.1. Heat generation during turning

A schematic cross section of the tool and forming chip is shown in Fig. 4, highlighting the
three shear zones that develop during cutting. The cutting process is initiated as the tool
overcomes the shear strength of the workpiece, leading to intense, localised plastic
deformation within the primary shear zone [59].

Tool
Primary
Shear Zone Tertiary
Shear Zone

Workpiece

Fig. 4. Schematic illustration of the three main heat sources in metal cutting.
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Owing to thermo-mechanical coupling, a significant portion of the mechanical work
expended in this zone is transformed into heat, with the converted fraction commonly
described by the Taylor-Quinney coefficient [60]. Incorporating the Taylor-Quinney
coefficient into thermal models can be critical for improving their predictive accuracy, as
several models in literature neglect this factor and instead assume that all mechanical
work is converted into heat.

As the chip forms, it is further deformed while sliding along the tool rake face, where
frictional resistance generates an additional heat source along the tool-chip contact
length, known as the secondary shear zone [59]. This contact region can be subdivided
into sticking, sliding, and transition zones, each contributing differently to heat generation
at the tool-chip interface. A third, generally less dominant heat source originates from
friction and deformation at the interface between the tool flank face and the newly
machined surface, becoming increasingly relevant as flank wear progresses [59].

The fraction of heat entering the cutting tool plays a crucial role in determining cutting
temperature, cutting forces, and tool life [61-64]. Fleischer reported that the fraction of
cutting heat conducted into the tool, influenced primarily by the cutting conditions and
workpiece and tool thermal conductivities, can range from approximately 2% to 18%,
while 1-20% enters the workpiece and the remaining 74-96% is carried away by the chip
[65]. A common simplification in thermal models reported in literature is the assumption
of a uniform heat flux along the tool-chip interface, where the complex tribological
conditions in the secondary shear zone is simplified to a single, constant value estimated
using analytical expressions such as,

FfVe
Gssz =1 {th (1)

where 7 is the Taylor-Quinney coefficient, Fr is the shear force on the rake face of the
tool, V., is the chip velocity, I, is the interface contact length and w is the width of the
cut. Experimental and analytical studies, however, have demonstrated that the heat flux
along the tool-chip interface is non-uniform in practice [56, 59, 66]. In fact, experimental
observations indicate that the tool-chip interface comprises two distinct regions: a
sticking zone characterised by complete seizure and a sliding zone governed by frictional
sliding. Adjacent to the cutting edge, the tool-chip interface exhibits full material seizure
due to the extreme normal stresses on the surface, causing the workpiece material to
weld on the tool’s rake face. Under these conditions, heat generated by intense plastic
deformation is transferred predominantly into the tool by conduction, making this region
a major contributor to heat flow into the tool [66]. In this sticking zone, the heat generated
is proportional to the shear stress at the tool-chip interface (t), which equals the shear
strength of the workpiece material (kg,). In contrast, the sliding zone exhibits relative
motion between the chip and the tool. The heat generation in this zone is governed by
the shear stress distributions and the velocity distribution of the material flow [67]. To
maintain material continuity along the tool-chip interface, there must be a transition region
between the sticking and sliding zones, which combines both the equivalent heat
generation mechanisms [67].
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3.2. Tool edge micro-geometry

A large proportion of semi-analytical temperature models for orthogonal cutting rely on
classical metal cutting models, such as the Merchant model [68], to estimate heat
generation in the primary and secondary shear zones. To simplify the complex
deformation behaviour within the cutting zone, these models commonly assume an
idealised, perfectly sharp cutting edge. In reality, however, cutting tools possess a finite
edge radius and are never truly sharp. This rounded geometry alters the material flow,
leading to the formation of a stagnation point, or ploughing zone, around the cutting edge
[69]. Material located above this stagnation point forms the chip, while material below it
is displaced towards the flank face, as illustrated in Fig. 5. As a consequence of this non-
ideal edge, the machining force is then split into two components: (1) a resultant force
acting on the tool’s rake face and (2) a ploughing force acting on the rounded edge and
a section of the adjacent flank face [69, 70]. Consequently, there is an indication that the
calculation of the heat generation on the rake face of the tool should exclude the
ploughing force component [11].

Chip
______ Tool
. Actual uncut

Theoretical chip thickness . .

uncut chip Stagnation Point

thickness R s ~ _I
PIB:gthhed Depth of elastic

P recovery
Workpiece

Fig. 5. Workpiece material flow showing the stagnation point on a rounded cutting-edge tool.

3.3. Challenges of semi-analytical thermal models

In addition to the assumptions outlined in the previous subsections, the accuracy of semi-
analytical thermal simulations is hindered by various sources of error. For instance, part
of the error in such models arises from their fundamental structure. Many existing models,
such as those developed by Komanduri and Hou [5-7], depend on material- and process-
specific parameters that require calibration for each tool-workpiece combination and
cutting regime. These parameters are often challenging to determine experimentally,
particularly across wide ranges of cutting conditions. Consequently, the development of
robust, self-consistent models that minimise reliance on trial-and-error parameter
selection and extensive experimental calibration remains an important objective within
the field.

Analytical temperature models are also limited in their ability to accurately predict heat
partition at the tool-chip-workpiece interfaces. The distribution of generated heat among
these bodies is strongly influenced by cutting speed, contact pressure, sliding velocity,
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interfacial conditions, and the temperature-dependence of thermophysical properties. In
most analytical formulations, the heat partition coefficient is assumed constant or
described using simplified expressions [25, 71, 72], which fail to capture the coupled and
variable nature of interfacial heat transfer [5, 9]. Given the strong sensitivity of tool
temperature to the fraction of heat conducted into the tool, even minor inaccuracies in
the assumed partitioning can result in substantial deviations in predicted temperature
fields.

Further, semi-analytical temperature models commonly account for the influence of a
rounded cutting edge by incorporating the ploughing contribution into cutting forces and
stress distributions, as discussed in the previous subsection. However, the associated
heat generation in the immediate vicinity of the cutting edge and part of the flank face is
often neglected or overly simplified [73]. This assumption can lead to an underestimation
of local temperatures in these regions, where further thermo-mechanical interactions
occur. A more accurate representation can be achieved by coupling finite element
modelling (FEM) with semi-analytical thermal approaches, thereby enabling improved
resolution of stress distributions and the corresponding heat sources around the cutting
edge.

Additionally, the presence of tool coatings further complicates the accuracy of machining
simulations. Different coatings (and coating combinations) behave differently under
thermo-mechanical loads, which vary with cutting conditions. In addition, the varying
nature of wear, i.e. progressive or stochastic, and its influence on temperature and stress
distributions in the tool presents another challenge. Progressive wear can be modelled
with a certain level of accuracy, but stochastic wear types, such as chipping, occur
suddenly and remain difficult to predict, limiting the reliability of simulation-based tool life
assessments.
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4. Machinability

Modelling approaches that estimate stress and temperature distributions at the tool-chip
interface provide valuable insight into wear mechanisms and tool performance. As such,
they represent an important means of understanding machinability from a process-
oriented perspective.

However, obtaining a more complete understanding of machinability —and the factors that
influence it — also requires a thorough understanding of the workpiece material itself, since
the material response under the extreme thermo-mechanical conditions of cutting is often
governed by material-dependent microstructural and compositional features. This
understanding becomes particularly important when comparing the machinability of
batches with relatively subtle differences, given that even small variations in the material
have been shown to result in measurable differences in machinability [2, 74-77].
Moreover, the characteristics of the cutting tool, e.g., its composition and microstructure,
coating thickness and type as well as the cutting-edge radii can play a significant role in
tool performance when machining a given grade of material, and thus its machinability.
Therefore, a thorough understanding of material behaviour and its impact on machinability
is essential, highlighting the need for a systematic investigation of tool-workpiece
interactions driven by material-dependent variations (RQ2 and RQ3).

4.1. Definition, evolution and challenges

Machinability provides a broad conceptual framework for assessing how a workpiece
material responds to mechanical cutting and has become a key consideration in the
selection of cutting parameters, tool materials, and coolant strategies [78]. The inherent
complexity of machinability stems from the large number of interacting parameters
involved, as well as from the different definitions and evaluation criteria used by
researchers and practitioners.

In one of its earliest definitions, machinability was viewed as an intrinsic property of the
workpiece material, similar to mechanical properties such as yield strength or toughness
[78]. Although these material properties can influence cutting performance, it has
become widely accepted that the combined interaction of the workpiece, cutting tool,
process parameters and machine setup ultimately determines the final performance.
Even for a single workpiece material, machinability is strongly affected by factors such as
machine rigidity, tool geometry and coating, cutting speed and feed, and cooling or
lubrication strategy [78].

Researchers have long recognised these limitations, yet the need to maintain consistency
for comparability is challenged by the need to understand workpiece material behaviour
and evaluate new tool designs, coatings, lubricants, and machine configurations. To
enable the relative comparison of machinability across different workpiece materials, a
variety of methods have been developed, targeting different evaluation metrics.

The formal evaluation of machinability can be traced back to the pioneering work of EW.
Taylor [79] in the late nineteenth century. In his 1906 publication On the Art of Cutting
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Metals, Taylor established the systematic variation of cutting parameters to determine
force and tool wear coefficients within empirical power-law relationships. Building on this
simple yet effective semi-empirical framework, subsequent research throughout the
twentieth century expanded these concepts to enable comparative assessments of the
machinability of different metal alloys, most often using readily measurable quantities
such as cutting forces, chip morphology, and tool wear or tool life.

One of the earliest definitions of machinability was introduced by Sorenson and Gates
[80] in 1929, who proposed a rating based on the ratio of cutting speed to hardness for
hot-rolled SAE steels. Around the 1950s, Boulger et al. [81, 82] developed a
machinability index defined by the machining speed at a tool life of 60 minutes (V60),
expressed as a function of Brinell hardness, thermal conductivity, length of cut, and
reduction in area from a standard tensile test. However, this index does not allow
meaningful comparisons between different material classes and restricts machinability to
a single parameter, namely cutting speed. Moreover, important aspects such as surface
integrity and tool wear behaviour were not considered. In 1951, Woldman and Gibbons
published an important work on the machinability and machining operations of various
metal alloys. Machinability was primarily characterised in terms of workpiece properties
such as strength, hardness, grain size, and microstructure, as well as their influence on
tool wear, chip formation, ease of cutting, and surface finish [83].

In the 1980s, Mills and Redford [84] proposed a more focused definition based on tool
wear under conditions that still ensure acceptable surface quality. They suggested that
machinability should be understood primarily as a measure of how a given material
contributes to the wear of a cutting tool during machining [85], while explicitly excluding
cutting energy and surface quality from the machinability definition. Boothroyd [86]
further emphasised that machinability is not a uniquely defined property but rather
depends on the machining process and the criterion applied. Accordingly, a group of
materials may be ranked differently depending on whether machinability is assessed in
terms of tool wear rate, surface finish, or power consumption. Building on this concept,
Enache et al. [87] distinguished between partial machinability, associated with individual
criteria such as tool wear or surface roughness, and global machinability, which
integrates multiple criteria into a single mathematical indicator.

According to Grzersik [88], machinability may be characterised using several primary
criteria that depend on the machining parameters. These criteria include not only tool
wear, energy consumption, material removal rate, surface roughness, and chip
morphology, but also cutting forces, cutting temperature, and tribological parameters.
Incorporating the latter enables a more detailed and physically grounded description of
the cutting process. To facilitate quantification, coefficients relating machinability to
cutting speed or feed rate are commonly employed, allowing the definition of
machinability indices [89].

Sredanovic¢ et al. [90] proposed an approach in which the aforementioned machinability
criteria are represented as normalised vectors within a rectangular coordinate system,
enabling their combination into a single evaluation parameter. Through appropriate
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selection and weighting of the criteria, machining performance can be assessed from the
perspectives of productivity and economic efficiency. The choice of relevant criteria is
typically determined by the end-user, based on the specific machining operation and the
functional requirements of the component. More recently, sustainability-related metrics
have been introduced to address legal, social, and economic constraints and
expectations [91, 92].

Among the most widely used evaluation methods today are simple tool life assessments
based on standards ISO 3685:1993 [93] and ISO 8688-1/2:1989 [94, 95] during turning
and milling, respectively. Another commonly used comparison criterion is the American
Iron and Steel Institute (AISI) machinability rating (Institute, 1960 #4422), which evaluates
the relative tool life and surface finish in turning, using AISI/SAE B1112 carbon steel as a
100% baseline [78]. According to the AlSI standard, cast aluminium achieves a relative
machinability of 450%, while the superalloy Hastelloy X attains only 19%. Such
evaluations of reductions (or elongations) in tool life are commonly regarded as central to
the concept of machinability, which seeks to generalise or standardise the evaluation of
ease with which a material can be cut.

Despite these developments, the multidimensional nature of machinability remains a
source of ambiguity, as a material may exhibit favourable machinability with respect to
one criterion while performing poorly according to another. The dependence of
machinability on the machining system itself also makes comparison between different
machinability studies challenging, as any variation in the system can influence the metrics
used to define the material’s machinability. In other words, comparing the machinability
of different materials across two different machining systems is of limited practical value.
For instance, a machinability ranking established for steel A relative to steel B using a
certain tool grade cannot be directly generalised to another tool grade, as the process
dynamics change significantly with any modification to the machining system. Although
many studies and industrial practices have been carried out to evaluate machinability,
most focus on specific materials and machining outcomes. To date, no comprehensive
and universally accepted definition of machinability exists, nor is there consensus on
standardised evaluation methods [78].

4.2. Evaluation of machinability

In the absence of a unified definition and standardised evaluation methodology, the
concept of machinability has instead been approached through a set of practical
indicators, which can be grouped into five broad categories: cutting forces and power
consumption, chip morphology, cutting tool life, surface integrity of the machined
workpiece, and environmental factors [14, 26]. In their review, Anmark et al. [14] reported
that approximately 85% of studies use flank wear as a machinability indicator, whereas
only about 35% include cutting force measurements.

4.2.1. Tool life as a machinability indicator

The effective use of tool life as a machinability indicator requires systematic
documentation and reporting of all relevant conditions, owing to the large number of
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factors that influence tool wear behaviour. For instance, tool wear progression, as a
machinability metric, is inherently dependent on the properties of the cutting tool. Among
these, the choice of tool substrate material, together with the applied coating type, exerts
a strong influence on wear behaviour and, consequently, on the assessed machinability
[82]. A large body of work exists in literature investigating the influence of the tool grade
on tool wear and tool life in the machining of steels and stainless steels [96-100].

Beyond substrate and coating composition, several other factors have been shown to
significantly influence tool wear progression, including the coating deposition process,
the structure of multilayer systems, coating texturing, and pre- and post-treatment of both
the substrate and coating layers [97, 101-105]. Moreover, the cutting edge
microgeometry - particularly the degree of edge sharpness or rounding - plays a critical
role in governing stress and temperature distributions, wear mechanisms and tool life
[106, 107], and thus directly impacts machinability. From a process perspective, it is well
established that tool wear is also influenced by the applied cutting conditions and the
chosen cooling-lubrication strategy.

These influences reveal that using tool wear as an indicator of machinability requires a
holistic view of the machining process. To accurately assess variations in workpiece
machinability, all other contributing factors - namely the cutting tools, process
parameters, and machine setup - must be kept constant. This is particularly important
when comparing machinability data across different studies, where variations in tooling,
process parameters, or cooling strategies can significantly affect the observed wear
behaviour. Within a single study, such influences must be minimised to enable a
meaningful comparison of wear-based machinability.

4.2.2. Cutting forces as a machinability indicator

Similar to tool life, cutting forces are frequently employed as criteria for evaluating
machinability. Although cutting force and cutting energy were initially considered of
secondary importance for practical applications, their relevance has increased
significantly in the context of today’s energy-conscious manufacturing environment [74].

In general, it is well established that materials that are more difficult to machine generate
higher forces during cutting [108]. However, the forces are strongly affected by the
complex interactions between the tool and the workpiece, including cutting conditions
and the applied cooling or lubrication strategy. Consequently, assessments of
machinability based on cutting forces must also be interpreted within a well-defined,
documented and reported context.

Another important aspect to consider when evaluating machinability based on process
forces is the dynamic behaviour of the forces. For instance, the formation of built-up
edges may lead to an overall reduction in average cutting forces, which would give the
impression of improved machinability. However, the associated dynamic loading of the
cutting edge and the resulting decline in surface quality would in contrast indicate poorer
machinability [109, 110]. These dynamic intricacies are typically not captured when
machinability is assessed solely on the basis of process force measurements.
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Consequently, interpretations based on cutting forces alone may be misleading and
defining the correct indicators for the intended application is crucial.

In literature, cutting forces are often interpreted in conjunction with cutting temperatures
when assessing machinability. Materials with high thermal conductivity and relatively low
tensile strength generally exhibit lower cutting forces and reduced cutting temperatures
during machining [78]. Such workpiece materials are typically associated with slower tool
wear rates, thus longer tool life and are often classified as having favourable machinability.
In contrast, materials that are considered difficult to machine, such as duplex and super
duplex stainless steels, combine high tensile strength with low thermal conductivity,
resulting in elevated thermo-mechanical loads, accelerated tool wear, and adverse
effects on workpiece surface integrity. Based on these and similar observations by
machinists, readily available material properties are often used in practice as indicators
of machinability. However, this approach represents a significant oversimplification of the
complex and multi-faceted nature of machinability and does not consistently provide
reliable assessments, particularly when attempting to explain or justify batch-to-batch
variations.

4.3. Factors that influence machinability

The machinability of a material introduced into a production line depends on various
interacting factors that can generally be classified into four categories: (1) workpiece
material variations, (2) workpiece geometry variations, (3) cutting tool variations, and (4)
process variations. Workpiece variations may be material-based, resulting from
differences between batches or material grades, or geometry-based, arising from factors
such as differences in forging conditions or prior machining processes. From a workpiece
material’'s perspective, the factors that influence machinability include thermo-mechanical
properties (e.g., flow stress properties, hardness, thermal conductivity), microstructural
features (e.g. grain size, phase fractions) and the distribution and composition of non-
metallic inclusions. From a broader perspective, the machinability of a material can be
influenced by other factors, such as the cutting tool (e.g. tool grade, coating, geometry)
as well as variations in the process itself (e.g. internal versus external turning, cutting
conditions, clamping strategy). Accordingly, the machinability in this research is examined
within the framework of these variations.

This subsection specifically addresses machinability variations arising from material-
based differences in the workpiece material, whereas the remaining sources of variation
are discussed in their respective publications (see Table 7). Despite extensive research
on the influence of microstructural features on thermo-mechanical properties, the
relationship between microstructure and machinability remains insufficiently understood
due to the large number of interdependent factors involved. These factors collectively
influence the flow stress behaviour of steels, underscoring the need for advanced,
microstructure-sensitive models in machinability assessment. Despite earlier efforts to
isolate the effects of individual microstructural features on steel machinability [75, 76,
111], it is impractical to modify a single characteristic without simultaneously affecting
other interrelated properties [112-114]. This inherent interdependence is further
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highlighted in Chapter 5, which demonstrates the complexity and intricacy of the
steelmaking process.

4.3.1. Thermo-mechanical properties

Some thermo-mechanical properties such as tensile strength, yield strength, thermal
conductivity, specific fracture energy, ductility, and strain hardening behaviour have been
associated in literature with the machinability of workpiece materials. For instance, tensile
and yield strength describe a material’s resistance to plastic deformation and fracture.
Therefore, they can provide an indication of the mechanical loads acting on the cutting
tool, as well as the workpiece’s cutting resistance, or specific cutting energy, defined as
the mechanical work required per unit volume of material removed [47]. As discussed in
Chapter 3, a large fraction of the cutting energy is converted into heat. As a result, high-
strength materials impose elevated thermal and mechanical loads on the cutting tool,
typically necessitating lower cutting speeds to achieve acceptable tool life.

Thermal properties of the workpiece and tool also strongly influence the temperature in
the cutting zone. In particular, low thermal conductivity of the workpiece limits heat
dissipation through the workpiece and chip, resulting in higher cutting temperatures [47].
Similarly, a low specific heat capacity leads to higher temperatures during machining.
From a cutting tool perspective, these elevated temperatures accelerate thermally
activated wear mechanisms, which rapidly degrade the cutting edge of tools [48]. The
concentration of heat at the tool-chip interface can also cause thermal softening of the
tool material, leading to plastic deformation of the cutting edge. From a product
perspective, the high thermal gradients often induce tensile residual stresses and phase
transformations on the machined surface, compromising the surface integrity and
dimensional accuracy of the final component [115]. Consequently, materials with poor
thermal conductivity often require reduced cutting speeds and feeds to control
temperature, usually at the expense of productivity [47].

Further insight into the cutting temperatures can be obtained from the specific fracture
energy, which can be calculated from the integration of the true stress-strain curves of
the workpiece material. Although this property is derived from tensile tests under uniaxial
loading - which do not fully replicate the complex conditions of machining - it still provides
a useful indicator of heat generation during cutting and, consequently, of the prevalent
thermal loads in the cutting zone [116, 117].

Ductility, typically quantified by elongation to fracture, serves as a primary indicator of a
material's deformation capacity and its tendency to adhere to the tool's surface [47]. High
ductility often promotes the formation of a Built-Up Edge (BUE), as the material undergoes
extensive plastic flow and welds to the cutting edge, which can degrade surface finish
and alter tool geometry [71, 118]. While reduced ductility can enhance chip breakability
by facilitating fracture in the shear zone, extremely low ductility may lead to brittle
splintering, increasing mechanical shock and accelerating abrasive wear on the tool's
cutting edge [119].

20



Strain hardening is defined by the increase in a material’s plastic flow stress as it
undergoes strain. As described by Shaw [71], this occurs when dislocations — the primary
carriers of plastic deformation — move through the crystal lattice and are impeded by grain
boundaries, second-phase particles, or impurity atoms. These obstructed dislocations
generate back stresses that hinder the motion of subsequent dislocations, resulting in an
observable increase in both strength and hardness [71]. In machining, a workpiece that
exhibits significant strain hardening requires progressively higher forces to sustain its
plastic deformation. The larger deformation energy increases heat generation and thus
temperatures rise in the cutting zone, creating a detrimental effect on tool wear. Strain
hardening also affects the machined surface, leaving a hardened “skin” that increases
surface roughness and tensile residual stresses. In multi-pass processes, the tool must
penetrate this previously hardened layer, often leading to faster tool failure. This behaviour
is particularly evident in materials such as stainless steels, which are well known for their
strain hardening tendencies [120, 121].

4.3.2. Microstructural characteristics

While the aforementioned mechanical and thermal properties influence the workpiece
response during cutting, they are fundamentally rooted in the workpiece’s microstructure.
Consequently, the investigation and comparison of microstructural characteristics can
provide insights into a material's machinability. In low-alloy steels, critical factors include
ferritic grain size, constituent volume fractions (such as the ferrite-to-pearlite ratio), and
the presence of secondary precipitates. Conversely, in stainless steels, the influential
characteristics are grade dependent. This subchapter discusses various key
microstructural characteristics that are most relevant to the present investigation and their
influence on machinability. Overall, it is important to recognise that these different factors
are intimately linked; consequently, it can be misleading to rely on a single factor when
evaluating a material's overall machinability.

While the influence of grain size on a material’s mechanical properties is well established,
its impact on machinability remains less clearly defined. According to the Hall-Petch
effect, particularly at temperatures below half the material’s melting point, smaller grains
increase strength by impeding dislocation motion at the grain boundaries, making the
material more resistant to deformation. The material’s yield stress then varies according
to

oy, =0+ kydg_l/z, (2)

where d, is the mean grain diameter, o, is the internal stress required to move
dislocations and k,, is a material-dependent constant. oy is the sum of contributions from
different sources of hardening, including solid-solution, precipitation, dislocation, and
lattice hardening. This aspect is particularly significant in micro-alloyed steels containing
small additions of vanadium, titanium, or niobium. In such steels, the nano-sized
carbonitride precipitates exert a pinning effect on grain boundaries during rolling and
subsequent thermal treatments, thereby controlling grain growth and the resulting
microstructure [122, 123]. Depending on their size and volume fraction, these

21



precipitates also contribute to precipitation strengthening, leading to increased hardness
and improved tensile properties of the steel [124]. Regarding the influence of grain size
on machinability, an increase in grain size has been shown to correlate with higher notch
wear and altered chip formation during the machining of various materials [125-127],
including 316L austenitic stainless steel [1].

In addition to grain size, the hardness and yield strength of a material are also influenced
by the volume fractions of its microstructural phases. In ferritic-pearlitic steels, an
increased ferrite fraction is widely reported to improve machinability with carbide tools,
primarily by reducing tool wear and promoting more favourable chip formation [76]. For
duplex and super duplex stainless steels, the volume fraction of austenite to ferrite plays
a role in determining the machinability, especially given the phases’ vastly different
thermo-mechanical properties. Austenite is known to exhibit high ductility and strain
hardening rates, which promote adhesion and poor chip breakability, while ferrite
possesses excellent thermal properties that positively influence the thermal conditions in
the cutting zone [128]. Thus, it can be safely assumed that variations in the volume
fractions of the constituent phases will have a significant impact on the machinability of
the duplex material.

Variations in chemical composition can also influence machinability, particularly in micro-
alloyed steels containing small additions of vanadium, titanium, or niobium. The presence
of these elements renders the material sensitive to precipitation strengthening. In such
steels, the holding temperature and time determine the precipitation of nano-sized
carbonitrides in the matrix, which increase strength and hardness through their pinning
effect on dislocation movement. The magnitude of this strengthening effect depends on
factors such as the precipitate volume fraction (v,), mean particle radius (r), and inter-
precipitate spacing. Several models reported in literature describe this precipitation
hardening, and its contribution is reflected in the value of g, in Eq. (1). One such model
is the well-known Orowan model [129],

o, = 0.8Gb/L, (3)

where G is the shear modulus, b is the Burgers vector and L is the average spacing
between neighbouring precipitates on the slip plane. The value of L is inversely correlated
to the precipitate’s volume fraction v, and directly proportional to the particle mean radius
r. According to the Orowan mechanism, an increase in the average inter-precipitate
spacing L reduces the strengthening effect. However, EqQ. (3) generally overestimates the
contribution of precipitation hardening [129]. Therefore, the hardening effect in this work
is estimated using the Ashby-Orowan model [130], which provides a more appropriate
representation of precipitation strengthening in steel systems,

0.8MGb X
94-0 = Fnivio In (ﬁ) (4)
where M is the Taylor factor (for instance, in ferrite M = 2.75), v = 0.293 represents the

Poisson’s ratio and x is the mean diameter of the cross section of the carbonitrides on
the slip planes.
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In austenitic stainless steels, the presence of d-ferrite is a microstructural feature that can
be relevant for machinability. d-ferrite is a residual phase often found in austenitic castings
that enhances the austenite’s resistance against hot cracking. From a machinability
perspective, the presence of d-ferrite within an austenitic stainless steel matrix can create
discontinuities in the steel that may disrupt steady-state chip formation during machining,
thus leading to better chip breakability. Research also shows that WC has significantly
lower solubility in ferrite than in austenite — approximately an order of magnitude lower
across typical machining temperatures - thus a higher &-ferrite volume fraction can
reduce tool material dissolution during machining with an uncoated WC tool [1].
Annealing twins are also common features in austenite that effectively refine the
microstructure and increase the material’s overall strength. During machining, these twin
boundaries act as additional barriers to dislocation movement, which increases the strain-
hardening rate and the energy required for shearing. This increased work-hardening
capacity often leads to higher cutting temperatures, significantly deteriorating their
machinability.

Another feature of steel microstructure that can affect machinability is the
crystallographic texture. Crystallographic texture can introduce anisotropy in the
mechanical response of the workpiece, resulting in direction-dependent deformation
behaviour. In machining, this anisotropy can manifest as systematic variations in cutting
forces when the cutting direction changes relative to the dominant grain orientation,
rather than as random force fluctuations. Strong textures may therefore contribute to
uneven tool wear, directional differences in surface integrity, and reduced dimensional
predictability, particularly in materials with pronounced rolling textures.

4.3.3. Non-metallic inclusions

In addition to thermo-mechanical properties and microstructural features, the population
of non-metallic inclusions (NMIs) in steel exerts a strong influence on its machinability.
Non-metallic inclusions are particles embedded in the matrix of metals and alloys, and
they can be of various types: sulphides, nitrides, oxides or mixed. Minor variations in NMI|
content, even within standard specifications, may not have a substantial impact on the
thermo-mechanical properties of the workpiece material; however, they have been shown
to significantly influence the machinability of steels [78, 131-134]. For instance, in a study
on the effect of oxide inclusions in a pearlitic-ferritic steel, an increase in the number of
oxides led to a significant increase in flank wear despite the steel's macro-hardness
remaining nearly constant [44]. Inclusions have been reported to be both beneficial and
detrimental for tool life and machinability [14, 131, 132, 135]. The mode of action of these
non-metallic inclusions, and thus their influence on machinability, is governed by various
factors including their type, quantity, size, shape factor, and chemical composition which
influences the NMI’'s hardness and plasticity. The inclusion characteristics that are of
particular interest depend on the steel application. Therefore, the control of different
characteristics of NMls in steels, known as inclusion engineering, has been a subject of
research for decades. Inclusion engineering is further elaborated in Chapter 5, which
presents a detailed discussion of the steelmaking process and its influence on NMls.
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Types

The different NMI classes can be broadly categorised as either beneficial or detrimental
to machinability, although important nuances exist within each class, as discussed in the
following subsections. For instance, sulphides are regarded as beneficial to machinability,
whereas nitrides are considered detrimental.

Sulphide inclusions, such as MnS and (Mn,Ca)S, are deformable and relatively malleable.
From a fundamental perspective, the interface between a sulphide inclusion and the
surrounding steel matrix is characterised by a mechanical mismatch, which gives rise to
local stress concentrations. During machining, these sulphides can act as stress raisers
in the primary shear zone, promoting void formation at the inclusion-matrix interface. With
continued deformation, sulphides elongate in the shear direction, which facilitates crack
propagation and enhances chip fragmentation [77, 136, 137]. This can also reduce the
contact area between the tool and chip, leading to a deceleration of tool wear [14].
Another prevalent viewpoint suggests that sulphide inclusions affect the tribological
conditions in the secondary shear zone by either reducing the coefficient of friction
between the tool and chip, as initially proposed by Merchant and Zlatin [138], or by
providing regions of easy shear and reducing the shear stress required for fracture [139,
140]. This leads to lower tangential forces on the cutting tool, an increased shear angle,
and consequently a reduced cutting force [140].

Unlike malleable sulphide inclusions, non-deformable hard oxides and nitrides, exhibit
brittle behaviour and tend to fracture rather than deform under the high-stress conditions
of machining [136]. These hard particles act as abrasive agents when they come into
contact with the cutting tool, inducing micro-rupturing and subsequent degradation of
protective tool coatings [23]. Hard oxide inclusions (e.g. Al.Os, SiO,, and mullite 3Al,03
Si0O,) can also fracture within the steel matrix, remaining as sharp, abrasive fragments
that further accelerate flank and crater wear [14, 141].

The influence of mixed inclusions on machinability is highly dependent upon their specific
chemical composition. In this study, the majority of such inclusions were determined to be
oxysulphides, consisting of a hard oxide core encapsulated by a malleable sulphide shell.
Generally, oxysulphides exert a more favourable influence on the machining process than
pure oxides. This is attributed to the presence of the sulphide shell, which 'masks' the
hard oxide core [137, 142]. By providing a softer outer layer, the overall abrasiveness of
the inclusion is reduced, preventing (or delaying) the sharp oxide centre from coming in
direct abrasive contact with the tool coating, thereby decelerating tool wear and positively
influencing the material's machinability.

Shape factor

The performance of non-metallic inclusions is further affected by their morphology,
typically characterised by the aspect ratio (the ratio of the inclusion's longitudinal axis to
its transverse axis). It has been demonstrated that globular inclusions generally confer
superior machinability compared to elongated or directional stringers, particularly
regarding chip morphology and tool life [143, 144]. This is because in the case of globular
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NMls, the voids that nucleate at the interface under tensile stress are less prone to
'rewelding' or pressure-induced closure during deformation [144]. Consequently, they act
as effective stress concentrators that facilitate micro-cracking and chip fracture, whereas
elongated inclusions can allow for re-bonding, leading to less efficient chip breakability.

Size

The size of inclusions is also a key factor in determining their influence on machinability.
This led Kiessling to classify NMls into macro- and micro-inclusions based on a critical
inclusion size [145]. For hard abrasive inclusions such as oxides and nitrides, smaller
micro-inclusions are generally more favourable for machinability. In addition to reducing
the contact area between these abrasive particles and the tool, the random interaction
between larger inclusions and the cutting edge can generate impact loading, leading to
unstable cutting forces, increased vibration, and degraded surface integrity [121].

For deformable sulphide inclusions, two contrasting viewpoints exist regarding the role of
inclusion size, each attributing machinability benefits to different mechanisms. Several
studies report improved chip breakability with smaller sulphide inclusions, primarily due
to their reduced tendency to reweld, as discussed previously [2, 14]. In contrast, other
researchers argue that very small sulphides are ineffective, for several reasons. Some
suggest that they are unable to form or sustain a low-shear-strength lubricating film,
thereby limiting their contribution to friction reduction [146]. Others, including Kiessling
[136], emphasise stress concentration effects, noting that larger inclusions induce higher
local stresses and are therefore more effective in promoting chip formation. Trent [140]
further proposed that small inclusions may simply be entrained in the plastic flow without
significantly influencing the shear zones. Taken together, these arguments suggest the
existence of an optimal inclusion size range, where sulphides are sufficiently large to act
as stress concentrators and form lubricating films, yet small enough to avoid rewelding. It
should also be emphasised that all inclusions represent permanent defects in the final
component, and larger inclusions — particularly those that introduce anisotropy, such as
sulphides — should be carefully controlled and minimised.

Hardness

Beyond an inclusion’s morphology, its chemical composition strongly governs its
hardness, which is a key factor influencing machinability. A common practice in
steelmaking is calcium treatment of the melt, which alters the chemical composition and,
consequently, the hardness of non-metallic inclusions. This Ca-treatment of sulphides
introduces a dual effect, simultaneously influencing their lubricating behaviour and their
abrasive interaction with the cutting tool. Experimental data shows that increasing calcium
content in a sulphide significantly increases its hardness [147], as shown in Fig. 6(a). This
increase in hardness significantly lowers the inclusion’s relative plasticity index (discussed
further in the next subsection), thereby weakening its deformation ability during machining
[148]. In essence, a trade-off exists: increased hardness provides the mechanical stability
required for the inclusion to adhere to the tool rake face [149], yet it concurrently reduces
the inclusion's ability to deform. Additionally, the increased hardness may itself be
detrimental to machinability by promoting abrasive wear of the cutting tool.

25



CaO [wt.%]
60 50 40 30 20 10 0

300 35 . L : L L
.{‘f\_ 1 O Gi
- roup | (Al,Q,)
2501, S~a 307 | @ Group I (Ca0-6A1,0;) Group |
L daS~_ T~k -k, 25_' @ Group Il (Ca0-2A1,0;) Srolp
22004 N TNpo “==% 25%Cas| & | |®GroupIv(-ca0-AL0,)
% {90 >« S - 9, 504 |O Group V (~12Ca0-7A1,0,) E
@ 15040 S\ AN i N 8
8 NN sy ~% 10%cCas| £ 154
~ ~ ° Group Il
g 100- \\ O‘\\ \\“"--.. A = Group V Group IV
T D‘n\ ‘o\___‘o\ —-a 5%CaS T4 o+ 8
50+ \DE\ “‘Q-___-O 2% CaS 5
1 oo -0 0% CaS o
0 . ' . . , . ; . 0 — ; —
0 200 400 600 800 1000 40 50 60 70 80 90 100
Temperature [°C] AlLO, [wt.%]

(a) (b)
Fig. 6. (a) Influence of CaS wt% on the hardness of sulphide inclusions with respect to temperature,
recreated from [147] and (b) average hardness of common groups of oxides based on their chemical
composition, recreated from [150].

In contrast to its hardening effect on sulphides, calcium treatment softens abrasive oxide
inclusions and renders them more malleable, while also promoting their envelopment by
sulphides to form the aforementioned oxysulphides. Recently, Slagter et al. [150]
measured the nano-indentation hardness of inclusion groups in the CaO-Al,O3 system,
demonstrating a significant decrease in hardness with an increase in calcium weight
percentage, as evident in Fig. 6(b). These calcium-rich oxides exhibit lower melting points
and enhanced visco-plastic behaviour, which facilitate the formation of more stable
protective layers at the tool-chip interface, thereby decelerating tool wear [14, 136, 151].
However, the effect of these Ca-rich oxides and oxysulphides is not exclusively beneficial.
Recent studies have shown that calcium- and magnesium-rich oxides and oxysulphides
can chemically interact with alumina tool coatings at elevated interface temperatures,
forming calcium aluminate, spinel MgAl,O,4, and calcium-magnesium aluminates [152].
Such reactions significantly reduce the hardness of the alumina coating, promoting
groove formation and faster degradation of the tool coating.

Relative plasticity

Relative plasticity is also a commonly used metric to describe NMI behaviour, particularly
when inclusion-specific properties are not available due to technological challenges
[150]. Introduced in the 1960s, relative plasticity index is defined as the ratio of the true
strain of inclusions to that of the surrounding steel [153]. A relative plasticity of zero
indicates that the inclusion is rigid/brittle and will either remain intact or shatter upon being
subject to forces. This is the case for most oxides and nitrides. In contrast, a plasticity of
one indicates that the inclusion is perfectly plastic and will deform in the same manner as
its surrounding steel matrix. This represents typical pure sulphide inclusions. Any value in
between is referred to as semi-plastic behaviour, which is the typical behaviour adopted
by modified sulphides and oxysulphides [136]. Rudnik [154] characterised the
mechanical behaviour of non-metallic inclusions (NMIs) by categorising them into three
distinct groups based on their relative plasticity indices. In the high-plasticity regime (0.5-
1.0), the inclusion deforms in near-unison with the steel matrix. This high degree of strain
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compatibility ensures that micro-cracking at the inclusion-matrix interface is largely
avoided. At moderate plasticity levels (0.03-0.5), a differential flow occurs: while the
inclusion's outer layers move with the matrix, the core remains relatively stationary. This
mismatch results in a characteristic fish-tail' morphology and the formation of conical
gaps at the poles of the inclusion before interfacial bonding can occur. Finally, in the case
of non-deformable inclusions (=0), such as oxides and nitrides, the steel matrix is forced
to flow around a rigid body. This creates significant localised stress concentrations,
leading to the development of prominent conical gap cracks within the material structure.

The behaviour of NMlIs within these plasticity regimes depends strongly on various factors,
such as chemical composition, hardness, and the prevailing temperature. In general, the
relative plasticity of an inclusion is inversely related to its hardness [148]. In this context,
as the inclusion is hardened — for instance, through chemical composition modification
such as calcium treatment — its plasticity and capacity for plastic deformation is reduced
[148]. Another notable example of these inter-dependencies are silicate oxides. These
inclusions exhibit a rapid change in behaviour from brittle to plastic when the temperature
exceeds a critical value [148]. This transition temperature increases with the increase of
SiO, content in the silicate inclusion [148], further highlighting the coupled effects of
chemistry and temperature on inclusion behaviour.

Thermal properties

Further expanding on the influence of temperature on NMI behaviour, the coefficients of
thermal expansion (CTE) of NMls differ from that of the steel matrix. Brooksbank and
Andrews [155] showed that such CTE mismatches generate residual stress fields or voids
around inclusions during cooling from prior forming processes. These residual stresses
and voids are relevant to machinability as they help propagate cracks in the cutting zone
and thereby reduce cutting forces and power consumption [14]. In fact, the magnitude of
these stresses depends primarily on the difference between the expansion coefficients of
the steel matrix and the non-metallic inclusion [14]. Consequently, inclusions may be
categorised into three distinct groups according to this difference, as shown in Fig. 7.
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Fig. 7. Formation of stress fields and cavities around NMIs due to CTE mismatch. Recreated from [14].
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From the perspective of residual stresses, non-metallic inclusions in Group 2 (CTEww =
CTEswe) are expected to have minimal impact on machinability, as their thermal expansion
closely matches that of the steel matrix. The beneficial influence on machinability
described previously arises from the NMls that belong to Group 1 (CTEww < CTEswee) and
Group 3 (CTEnmw > CTEseer), Which promote localised stress concentrations at the
inclusion-matrix interface. During machining, these pre-existing stress fields facilitate the
nucleation and propagation of micro-cracks within the primary shear zone, thereby
lowering the energy required for chip formation and effectively reducing cutting forces.

In addition to the CTE, the melting temperature of an inclusion provides a useful indicator
of its relative deformability during machining. Oxide inclusions with melting temperatures
below or approaching the cutting temperature may soften or become partially molten,
enabling their plastic deformation and elongation. In contrast, oxide inclusions with
substantially higher melting points tend to remain rigid and resist deformation under the
same conditions. A summary of the compositions and corresponding melting points of
common Ca-rich oxides and sulphides is presented in Table 1.

Table 1. Chemical composition and melting temperatures of common Ca-rich oxides and sulphides [156].

Chemical composition [wt.%]  Melting temperature

NMI Class Code Phase

CaO AOs Mn Ca S [°C]
CizA7  12Ca0-7ALOs 48 52 1455
CA Ca0 - Al:0s 35 65 1605
Oxide CA CaO-2ALO; 22 78 ~1750
CAs CaO - 6A10; 8 92 ~1850
- AlO3 0 100 2054
. CaS — 55 45 >2000
Sulphide MnS 63 - 37 1610
4.4. Tribo-layer formation

Tribo-layer formation represents a key mechanism governing tool-workpiece interactions
and is therefore closely linked to machinability, with variations in workpiece microstructure
and inclusion characteristics influencing their formation and stability. These layers can
locally modify the tribological conditions within the cutting zone, potentially reducing
frictional stresses and consequently lowering the interface temperature. The thickness of
such layers spans a wide range, from atomic monolayers to several tens of micrometres
associated with severe plastic deformation [157]. Due to their complexity and
multifaceted nature, these layers have been described using a variety of terms in the
literature, including tribo-films, transfer layers, interlayers, agglomerated films, debris
films, particle layers, and built-up layers [157-159]. However, the relationships between
these terms, as well as their specific formation mechanisms and functional roles, remain
insufficiently clarified. In the present work, the term tribo-layer is used in a general sense
to describe surface layers that form at the tool-chip interface and influence the prevailing
tribological conditions.

Such layers may develop through the mechanical smearing of non-metallic inclusions or
wear debris onto the tool surface [160]. In addition, they can also form as a result of
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chemical interactions between the workpiece material and the tribologically active tool
surface [17]. A commonly adopted classification distinguishes tribo-layers based on
whether they arise from surface transformation or deposition mechanisms [157].
Transformation-type layers originate from modifications of the underlying surface, such as
plastic deformation or diffusion-driven processes affecting the near-surface region. In
contrast, deposition-type layers form through the accumulation of externally supplied
material, including non-metallic inclusions or wear debris, which may become compacted,
tribo-sintered, and adhered to the tool surface. In the context of metal cutting, tribo-layers
are most frequently reported to be of the deposition type [157].

Since real contact between tribological components occurs at the asperity level, the
resulting tribo-layer has a decisive influence on friction in the cutting zone and
subsequently wear. Local pressures at these micro-contacts can reach several GPa,
leading to significant modifications of the near-surface region and the formation of a layer
with properties rather distinct from the underlying material [157]. These modifications
may include changes in surface topography (smoothing or roughening), micro-crack
formation, phase transformations, deformation hardening, oxide formation, and material
transfer from the counter surface. Under the extreme mechanical and thermal conditions
present in the cutting zone, the tribo-layer material can undergo substantial changes due
to plastic deformation, oxidation, and phase transformation, with many strengthening
mechanisms typically associated with bulk materials being activated locally [157, 161].

Thus, tribo-layers can introduce substantially altered tribological conditions, as their
properties may differ significantly from those of the underlying material, particularly on the
tool side. During machining, these layers may be either beneficial or detrimental to
machinability, depending on their composition and thermo-mechanical behaviour.
However, their overall influence and prevalence remain insufficiently understood. For
example, during the machining of tool steel with an uncoated cemented carbide tool, wear
has been reported to proceed by the formation of a deposition-type tribo-film. Despite
being mechanically weaker than the cemented carbide substrate, this tribo-film adheres
sufficiently to promote gradual removal of the cobalt binder through diffusion. This is
followed by fragmentation and removal of the WC grains, which are carried away as part
of the shearing tribo-film [162, 163]. In contrast, beneficial influence of such tribo-layers
is also reported in literature. Brant and Mikus [17] observed the formation of Al,Os-based
protective layers on ceramic tools when machining steels with high alumina inclusion
content, resulting in reduced crater and flank wear. Similarly, Matsui et al. [164] reported
the formation of MnS-based inclusion layers on the rake face during machining of Ca-
treated steels using carbide tools, which act to prevent direct tool-chip contact and
reduce rake face wear. In a subsequent study, Matsui et al. [165] identified the formation
of more complex oxide layers, including CaS at the interface, which contributed to
reduced diffusional wear and improved tool life. In addition to inclusion-derived layers,
tribo-oxidation mechanisms have also been reported. Yuan et al. [166] observed the
formation of “protective/lubricious tribo-ceramic films” during machining of Inconel 718,
which protect and lubricate the tool surface, thereby reducing wear and extending tool
life. Furthermore, Song et al. [167] identified the formation of a stable built-up layer on the
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rake face during dry cutting, which acts as a separating layer between the tool and chip
and reduces both crater and flank wear, in contrast to unstable built-up edge.

Machining-induced tribo-layers reported in the literature predominantly comprise
inclusion-derived layers, tribo-oxidation films, and built-up layers formed from adhered
workpiece material. Inclusion-derived layers, often referred to as “Belag”, form by the
deposition and smearing of non-metallic inclusions such as oxides and sulphides that
adhere to the rake face and reduce tool wear by limiting direct tool-chip contact. Tribo-
oxidation films, formed through chemical interaction between the tool, workpiece, and
surrounding environment, are described as protective and lubricious layers that enhance
wear resistance and extend tool life. In addition, built-up layers originate from adhered
and plastically deformed workpiece material and can act as an intermediate layer at the
rake face, thereby reducing crater and flank wear when stable. Across these studies, a
consistent observation is that such layers, no matter their origin, can act to separate the
tool and chip at the interface, thereby limiting direct abrasive contact between tool and
workpiece and contributing to reduced wear.

The study of tribo-films has largely been conducted outside the context of machining, with
substantial research focusing on coating materials such as alumina. While these
investigations provide valuable insights, the conditions encountered during cutting are
considerably more complex, particularly given the highly localised, extreme conditions of
the tool-workpiece interaction. Consequently, further understanding is required. Without
a clear understanding of how batch-to-batch variations influence the formation of these
tribo-layers, and subsequently how these layers modify the tribological system, it remains
challenging to reliably predict the friction and wear behaviour of materials under given
conditions.
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5. The production process chain: a machinability
perspective

The production process chain, spanning from initial heat melt to final component
production, dictates the intrinsic quality of the final workpiece. Chapter 4 presented the
primary drivers of material and batch-to-batch variation, highlighting their critical effect on
machinability and process predictability. Establishing robust control over these variations
requires tracing them to their points of inception within the production sequence.
Consequently, this chapter evaluates the process chain with an added focus on the
primary upstream stages (i.e., secondary steelmaking, continuous casting and primary
forming) in an attempt to identify critical stages that contribute to material inconsistency.
Ultimately, identifying these areas of control provides industry with the insights necessary
to mitigate batch-to-batch variations, helping standardise and optimise the machining
process.

5.1. The steelmaking process

This subsection describes the steelmaking process, with a particular emphasis on its
influence on microstructure and non-metallic inclusions. The steelmaking process
consists of four main stages: primary steelmaking, secondary steelmaking, continuous
casting and primary forming, as shown in Fig. 8. The specific steelmaking process may
vary slightly depending on the grade of steel being produced.
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Fig. 8. Schematic representation of the general steelmaking process. Subfigures modified from [168].

5.1.1. Primary steelmaking

The first stage of steel production is primary steelmaking, during which crude steel is
produced by converting iron-rich raw materials into liquid steel then removing excess
carbon and impurities by oxidation reactions [169]. Primary steelmaking in the
metallurgical industry follows two principal routes: the integrated blast furnace-basic
oxygen furnace (BF-BOF) route and the electric arc furnace (EAF) route. The BF-BOF
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process utilises iron ore and is the dominant production pathway, accounting for
approximately 70% of global steel output [170]. The remaining share is predominantly
produced via the EAF route, in which recycled steel scrap is melted and subsequently
cast. The EAF route is the predominant steelmaking method for the production of stainless
steels.

In the production of plain carbon and low-alloy steels, the majority of decarburisation is
performed during the primary steelmaking stage, where oxygen is introduced to reduce
carbon content in the steel melt. Conversely, for stainless steels, the high concentration
of chromium necessitates that decarburisation is conducted in a more controlled
environment during the next stage, secondary steelmaking.

5.1.2. Secondary steelmaking

The second stage of production is secondary steelmaking, commonly referred to as ladle
metallurgy, during which steel cleanliness and chemical composition are carefully refined.
At this stage, alloying element concentrations are precisely adjusted to meet the target
steel grade specifications. For the secondary steelmaking of plain carbon and low-alloy
steels, the melt is tapped from the BOF or EAF into a ladle furnace, where it undergoes
various treatments including deoxidation, calcium treatment, desulphurisation, and
alloying [156]. In contrast, the high chromium content of stainless steels necessitates an
intermediate refining stage, typically within an Argon Oxygen Decarburisation (AOD)
converter. This vessel allows for decarburisation of the stainless steel melt, by controlling
the partial pressure of carbon monoxide to prevent the undesirable oxidation of chromium
into the slag [156].

A critical risk during these transitions is atmospheric reoxidation, which occurs when the
molten stream is exposed to air during transfers — such as from the BOF/EAF to the ladle
or the AOD to the ladle. These pours can generate a significant population of large,
uncontrolled non-metallic inclusions (NMls) [156, 171]. Consequently, the tapping
process is often considered a critical control point for the formation of NMlIs and a primary
driver of batch-to-batch variability in the final product.

Once the melt is transferred to the ladle, refining is achieved through various processes
such as deoxidation, calcium treatment, desulphurisation, and alloying [156]. These
processes also lead to the formation and control of non-metallic inclusions (explained
further in the next subsection, see 5.2). For example, an excess of dissolved oxygen in
the molten steel promotes the formation of blowholes in the steel ingot [156]; therefore,
effective deoxidation is essential. However, the deoxidation of steels with aluminium and
titanium leads to the development of hard oxides in the steel matrix, which requires the
subsequent calcium treatment of these killed steels [151]. Calcium treatment is often
employed to modify the morphology of harder oxide inclusions, such as alumina. The
addition of calcium transforms these hard, angular inclusions into softer, lower-melting-
point calcium aluminates with a more globular shape, thereby reducing their detrimental
effects on tool wear and improving the overall machinability of the steel [156, 172].
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Desulphurisation is another crucial process in which a reagent flux is added to the liquid
steel, causing sulphur to react and form a slag that can be removed. This stage allows for
precise adjustment of the sulphur and manganese concentrations, ensuring a favourable
Mn:S ratio. This chemical balancing is essential to guarantee that sulphides precipitate as
stable manganese sulphides (MnS) during continuous casting, rather than detrimental,
low-melting-point iron sulphides (FeS), which can lead to hot shortness during
subsequent thermomechanical processing [173]. From an application perspective,
excess sulphur in steels reduces the fracture toughness and hot ductility [174, 175], yet
from a machinability perspective, it can have a positive influence by controlling the volume
fraction and distribution of beneficial manganese sulphide (MnS) inclusions.

Further, alloying of the steel is performed at this stage, and a summary of relevant alloying
elements and their main functions is provided in Table 2 [176].

Table 2. Summary of alloying elements and their primary functions in steels

Element Function / Influence

Aluminium Acts as a deoxidiser. Restricts grain growth and promotes a finer grain structure.

Calcium Enhances machinability by forming stringers, voids, and inclusions; may reduce overall
steel strength.

Carbon Forms steel. Increases hardness and wear resistance.

Chromium Can form chromium carbides. Improves toughness and wear and corrosion resistance.

Cobalt Forms cobalt carbides. Enhances heat resistance properties.

Manganese Increases hardenability. Enhances machinability by forming stringers, voids, and
inclusions; may reduce overall steel strength.

Silicon Acts as a deoxidiser. Increases strength and toughness. Higher concentrations may
reduce machinability and worsen surface finish.

Sulphur Enhances machinability by forming stringers, voids, and inclusions; may reduce overall
steel strength.

Titanium Forms TiC carbides. Restricts grain growth. Can act as a deoxidiser.

Vanadium Forms vanadium carbides. Restricts grain growth. Improves hardenability.

5.1.3. Continuous casting

Once the steel’s chemical composition is refined in secondary metallurgy, casting can be
carried out either through continuous casting or ingot casting. In continuous casting, the
molten steel is teemed into an intermediate vessel, the tundish, from which it is
continuously fed into a water-cooled mould. Solidification begins in the mould and
proceeds as the strand is drawn, enabling direct primary forming into semi-finished
products such as slabs, blooms, or billets [177]. Ingot casting on the other hand is a batch
process where molten steel is poured into individual, stationary moulds to solidify into
large blocks [156]. In contrast to traditional ingot casting, where the steel cools slowly in
stationary moulds, the rapid cooling rates inherent to continuous casting result in a
significantly more refined and uniform microstructure [178].

Casting plays a critical role in determining the final NMI population, as it is the primary
birthplace for sulphides and nitrides [179, 180]. In continuous casting, this is mainly
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caused by inter-dendritic micro-segregation, in which dissolved substances such as
sulphur, nitrogen, and titanium are rejected by the solidifying crystals into the remaining
liquid channels [181]. As the concentrations of these solutes increase in the late stages
of solidification, their local enrichment in the remaining inter-dendritic liquid exceeds the
solubility limits, leading to the precipitation of manganese sulphides (MnS) and cubic
titanium nitrides (TiN) [181]. This mechanism of solute rejection also occurs in ingot
casting; however, the prolonged solidification time in this type of casting allows for macro-
segregation, leading to a much coarser and less homogeneous distribution of precipitates
throughout the ingot volume, particularly at the top and centre line of the ingot [178].

The morphology of NMls is also significantly influenced by this stage, due to the influence
of the cooling rate during solidification: slow cooling can cause the inclusions to grow
larger and cluster together, while rapid cooling produces smaller, more finely dispersed
inclusions [182, 183]. Furthermore, the cooling rate dictates the thermal residence time
within specific stability windows, which determines which NMI phases (specifically
sulphides and nitrides) have sufficient time to nucleate and grow before the matrix
solidifies. Consequently, ingot-cast steels typically exhibit larger inclusion clusters
compared to the finer dispersion found in continuously cast billets, owing to their relatively
longer cooling times [156, 178].

Conversely, the oxide population — which primarily formed during deoxidation in
secondary metallurgy — is influenced by physical entrapment or reoxidation in this stage.
Pouring the steel melt into the mould (teeming) can promote reoxidation if exposed to air,
leading to the formation of large macro-inclusions (larger than 100 um) that act as hard
spots during machining and may cause sudden tool tip breakage [171]. This risk is often
more severe in traditional ingot casting due to the open-stream pouring methods
frequently employed, whereas modern continuous casting utilises ceramic shrouding and
submerged nozzles to shield the melt from atmospheric oxygen [184].

5.1.4. Primary forming

Primary forming in this case consists of hot rolling, in which the cast billets are plastically
deformed at high temperatures (900-1200 °C) in successive rolling stands to produce
round steel bars of the required diameter [177]. Primary forming differs slightly between
continuous-cast and ingot-cast steels. Although continuous-cast billets are often ready
for hot rolling, ingot-cast steels must first undergo an additional primary breakdown stage
known as blooming. This energy-intensive process is necessary to reduce the large cross-
section of the ingot and apply the heavy deformation required to refine its coarse, as-cast
structure and close internal porosity. Once reduced to the dimensions of a bloom or slab,
the steel can then proceed to the final hot-rolling stands to produce the required bar
profiles.

After casting, billets are sent to primary forming either via cold charging or hot charging
routes. In the cold charging route, the cast billets are cooled to room temperature for
inspection before being hot rolled. For micro-alloyed steels like C38, this sequence
induces a double phase transformation (austenite to ferrite/pearlite and back to austenite
upon reheating), which inherently refines the grain structure [185]. Generally, the faster
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the steel is heated and cooled during this double transformation, the finer the final grain
structure will be — an important control point to ensure microstructural consistency
between batches. In the hot charging route, the solidified cast billet is directly transferred
to the rolling mill while still at elevated temperatures. While more energy-efficient, this
route requires sufficiently aggressive rolling deformation to mechanically break down the
coarse, irregular as-cast austenitic grains that persist from the solidification process.

While primary forming does not alter the bulk chemical composition, it is critical in defining
the steel's microstructure. The process mechanically breaks down larger austenitic
grains, triggering dynamic recrystallisation where new, finer grains nucleate and grow
[185]. Although morphologically equiaxed, these grains may still exhibit a preferred
crystallographic orientation (rolling texture) associated with the rolling direction. The
subsequent rate of cooling immediately after hot working strongly influences the phases
that form — such as pearlite, ferrite, or martensite — and their respective grain sizes. Slow
cooling enables diffusion-controlled transformations, promoting the formation of ferrite
and pearlite with relatively coarse interlamellar spacing and colony size [161]. In carbon
steels, such coarse pearlite is often beneficial for machinability due to its lower hardness
and reduced resistance to chip formation. Conversely, rapid cooling or quenching
suppresses diffusional transformations and promotes the formation of martensite, a body-
centred phase characterised by high hardness and fine lath or plate substructure [161].
Controlled cooling techniques allow for the precise regulation of these phase constituents
to ensure the steel achieves its required properties. The resulting microstructure then
serves as the basis for any subsequent forming processes, such as forging, or
subsequent heat treatments (see Section 5.3).

In addition to the microstructure, primary forming also plays a significant role in
determining the morphology of the non-metallic inclusions. The characteristic deformation
behaviours of various NMIs during hot rolling are illustrated in Fig. 9(a). In fact, these
behaviours during hot rolling may be indicative of the general behaviour of these NMls
during machining. During hot rolling, relatively soft inclusions such as MnS are plastically
deformed and elongated into stringers aligned with the rolling direction [186]. During
machining, these elongated inclusions can act as internal lubricants and promote chip
breakability during machining; however, their effect depends on orientation [187, 188].
Owing to their negligible plasticity, harder inclusions such as nitrides and oxides remain
essentially non-deformable during the hot rolling process. Instead of elongating with the
steel matrix, these inclusions typically undergo brittle fragmentation (i.e. shattering and
dispersing along the rolling direction) or retain their original morphology while inducing
the formation of micro-voids at the inclusion-matrix interface. This phenomenon, often
referred to as interfacial decohesion, results from the significant kinematic mismatch
between the rigid inclusion and the flowing steel. Mixed inclusions, such as oxysulphides,
demonstrate heterogeneous deformation behaviour; the ductile manganese sulphide
(MnS) shell undergoes plastic elongation, while the rigid oxide core — typically consisting
of alumina or silicates — either undergoes rearrangement or brittle fragmentation. This
depends on the thickness of the sulphide layer and the local stress concentrations at the
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oxide-sulphide interface during rolling. Clusters of NMls are generally fragmented and
rearranged along the rolling direction.
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Fig. 9. General deformation behaviour of (a) soft, hard, mixed and clustered NMls and (b) common oxide
groups during hot rolling. (a) is recreated from [148] and (b) is recreated from [189].

As shown in Fig. 9(b), pure alumina Al,Os inclusions exhibit brittle behaviour, undergoing
fragmentation and dispersion along the rolling direction [189]. These fragmented particles
remain highly abrasive, leading to significant abrasive wear on tool surfaces during
subsequent machining operations. Similarly, calcium-aluminate phases with high alumina
content, such as CA,, retain substantial hardness at forging temperatures and
consequently undergo similar fragmentation and dispersal [189]. In contrast, calcium-
rich oxides like Ci2A; are typically softer and exhibit higher plasticity. Rather than
fracturing, these inclusions tend to promote the formation of micro-voids at the matrix-
inclusion interface [189]. These voids can serve as critical crack initiation sites, potentially
enhancing chip breakability during metal cutting. Mixed oxysulphides represent a
complex case where the inclusion morphology is determined by the interaction between
the constituents. Typically, the ductile sulphide shell undergoes significant elongation
along the flow lines, whereas the harder oxide core is shielded, resulting in minimal
deformation.

5.2. Control of NMIs during steelmaking

The control of non-metallic inclusions during steelmaking represents a compromise
between enhancing machinability and preserving the functional performance of the steel.
In fact, improvements in steelmaking over the past century have led to steel grade
developments with remarkably low levels of impurities or inclusions. These steel grades
have been labelled as “clean” steels, and offer notable improvements in their mechanical
properties, including fatigue strength and impact toughness. However, the improvement
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in their mechanical properties has come at the expense of their machinability. Machining
these clean steels is generally accompanied by increased cutting forces, high power
consumption, accelerated tool wear and high manufacturing costs [14]. Because of the
technological challenges associated with developing these clean grades of steels,
metallurgists have instead focused on tailoring the inclusions within steels to enhance
machinability as an alternative to removing them. These steels have since become known
as “free-machining” steels. Historically, lead (Pb) was added to these grades to improve
their machinability, but its use is now rare due to environmental regulations and health
concerns. Consequently, other alloying elements, such as sulphur, have become more
prevalent alternatives in modern metallurgy to develop machinability-enhanced steels.

It is important to emphasise that, although machinability is a relevant consideration in
modern metallurgy (especially from a machinist’s perspective), the ultimate and overriding
priority from a holistic view is to achieve the required functional performance of the
finished product.

5.2.1. Origin of NMIs

The appropriate control strategy for non-metallic inclusions depends on whether they are
endogenous or exogenous in origin. This classification was introduced by Sims [190] and
Forgeng [191], who grouped NMlIs according to their origin during steelmaking and
casting.

Endogenous non-metallic inclusions are the products of precipitation reactions within the
molten steel or during its subsequent solidification [136]. In the ladle, inclusion formation
is primarily driven by chemical supersaturation following the addition of deoxidisers. In
contrast, those forming within the casting mould are driven by two distinct factors [156].
Firstly, the continuous decrease in temperature shifts chemical equilibria, reducing the
solubility of oxygen, sulphur, and nitrogen and favouring the formation of oxides,
sulphides, and nitrides [192]. Secondly, during cooling, the solid phase exhibits
significantly lower solubility for these solute elements than the liquid, leading to solute
partitioning at the solid-liquid interface [192]. This micro-segregation enriches the
remaining inter-dendritic liquid, generating local supersaturation conditions that promote
inclusion precipitation, often concentrated between growing dendritic branches [192].

The majority of nitrides and sulphides are endogenous, primarily originating during the
solidification stage of continuous casting [193]. Due to their higher thermodynamic
stability, nitrides such as TiN begin to precipitate at higher temperatures during the early
stages of the solidification [190]. This provides a longer window for diffusion-led growth,
resulting in the characteristic large, cubic morphologies. Abrasive sub-micron nitrides
can also form in the solid steel during later stages of cooling depending on the cooling
rate [194]. In contrast to nitrides, sulphides (MnS) typically have higher solubility in the
melt and only precipitate during the final stages of solidification when the remaining liquid
is heavily enriched with sulphur due to micro-segregation [190]. This late-stage
formation, combined with the rapidly decreasing temperature, limits their growth window
and typically results in a smaller, more finely dispersed initial population compared to
nitrides.
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Exogenous inclusions, on the other hand, are primarily oxides that arise from two principal
sources. The first involves mechanical and chemical erosion of refractories in contact with
the molten steel, such as ladle linings, tundish materials, and nozzles [195]. Specifically,
any degraded refractory particles become entrained in the steel melt and typically display
irregular morphology and composition. According to Pickering [195], the erosion of
silicate refractories, followed by reactions with primary deoxidation products, gave rise to
most of the troublesome inclusions, especially oxides and oxysulphides. The second
source of exogenous inclusions is oxygen pickup during pouring or transfer. The exposure
of the teeming stream to air promotes oxide formation through reactions with alloying
elements, resulting in oxide clusters that deteriorate steel cleanliness [195]. McLean and
Somerville [9] reported that macro-inclusions exceeding 100 um frequently originate from
reoxidation of the steel stream during teeming. Such reoxidation products are often
enriched in comparatively low-stability oxides, including FeO and MnQO, despite their large
size. Similar observations have been documented by numerous researchers [156, 173,
196]. Comprehensive descriptions of the various sources of exogenous inclusions formed
during steelmaking, along with their key elements, have been provided by Kiessling [197],
as summarised in Table 3.

Table 3. Sources of exogeneous NMIs during steelmaking.

Stage Source Key element(s)
Furnace slags Ca
Furnace Furnace refractories Ca
Ferroalloys Cr, Al, Si
, Launder refractories Mg, Ti, K
Tapping o
Reoxidation FeO, MnO
Deoxidation -
Ladle Ladle slag Ca, Mg
Ladle refractories Mg, Ti, K
Stopper and nozzle refractories Mg, Ti, K
Teeming Reoxidation FeO, MnO
Deoxidation -
Refractories Mg, Ti, K
Ingot mould S
Deoxidation -

In fact, inclusions rarely maintain their initial composition throughout steelmaking. Pre-
existing inclusions can serve as heterogeneous nucleation sites for subsequent
precipitation reactions, frequently resulting in complex oxide-sulphide mixed inclusions.
Scanning electron microscopy combined with energy-dispersive X-ray spectroscopy
(SEM/EDS) has demonstrated that many inclusions exhibit compositional heterogeneity.
In numerous cases, inclusions possess a core-shell morphology, where the core consists
of one phase and the outer layer of another. Representative examples include the
sequential formation of alumina, galaxite, and manganese aluminosilicate during
reoxidation of aluminium-killed steel, as well as the formation of CaS coatings on calcium
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aluminate particles in calcium-treated aluminium-killed steel. Silicate inclusions may
likewise display significant compositional variation from centre to periphery.

5.2.2. Strategies for NMI control

Given the various origins of NMIs, control strategies are implemented across the entire
production chain to ensure steel cleanliness. To address the formation of endogenous
inclusions, primary emphasis is placed on deoxidation and desulphurisation practices
during secondary metallurgy. Optimisation of deoxidiser type and addition sequence,
together with precise control of oxygen activity, can minimise the formation of undesirable
oxides. Another key strategy for NMI control involves the removal of detrimental inclusions
from the molten steel. The physical removal of existing NMls is facilitated by gas stirring
(argon purging) and vacuum degassing, which promote the flotation of inclusions to the
surface slag layer through buoyancy. In cases where inclusions cannot be entirely
eliminated, inclusion engineering, such as calcium treatment, is commonly employed as
a modification strategy.

To mitigate exogenous NMI sources, control strategies focus on process cleanliness and
containment. These include the use of high-quality, erosion-resistant refractories for ladle
linings, as well as optimised tundish fluxes and mould powders designed to limit
reoxidation and promote the absorption of rising inclusions. In addition, protection of the
steel stream during transfer and casting — through shrouding, inert gas protection, or fully
enclosed pouring systems — is essential to minimise reoxidation.

The selection of control strategies — whether to promote formation, facilitate removal, or
enable modification of NMIs —is further tailored to the type of NMI as well as the intended
application of the final component.

Control of sulphides

While elongated MnS inclusions have been shown to aid machinability, this type of
morphology introduces severe mechanical anisotropy in the steel which can lead to its
premature and catastrophic failure during the component’s service life. Consequently, the
control strategy for sulphides during steelmaking often prioritises the elimination of large
inclusions and formation of small, globular sulphides characterised by limited relative
plasticity [198].

The composition and morphology of sulphides is governed by the various stages of
steelmaking. In particular, the morphology of sulphide inclusions is governed by their
relative plasticity, alongside specific thermomechanical processing parameters [148].
Consequently, effective control of the final sulphide morphology after steelmaking requires
considerations of its multiple stages: first, increasing sulphide hardness via alloying or
chemical treatments (such as Ca-treatment) during secondary steelmaking, which
increases its relative plasticity; second, regulating cooling rates during continuous casting
to prevent the formation of large NMI clusters; and finally, optimising temperatures and
reduction ratios during primary forming to manage the steel matrix’s microstructure and
hardness and thereby the relative plasticity [148]. However, these methods must be
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carefully calibrated to avoid industrial complications such as nozzle clogging during
casting or undesirable alterations to the final steel microstructure.

Control of oxides

The control of oxide inclusions, particularly in aluminium-killed steels, primarily revolves
around process optimisation following calcium treatment. Standard strategies focus on
the removal of large-scale modified inclusions through refined secondary metallurgy, such
as extending the argon soft-blowing duration and optimizing the timing of calcium addition
[199, 200]. While calcium treatment is designed to modify solid alumina Al.Os into lower-
melting-point calcium aluminates to prevent nozzle clogging, it introduces a trade-off
regarding deformability. Research indicates that well-modified, plastic calcium aluminates
can, during rolling, elongate into undesirable "stringers" that introduce anisotropy if they
exceed 20 pm in original size [199, 201]. To counteract this, some strategies propose
"incomplete” calcium treatment to maintain a higher melting point and brittle nature,
thereby preventing elongation [148]. However, this approach must be managed with
extreme caution, as high-melting-point inclusions are more difficult to remove from the
melt and increase the risk of nozzle clogging.

The control of silicate inclusions is predominantly focused on chemical composition rather
than rolling parameters alone. Since the plasticity of silicates is largely governed by their
SiO, content, as discussed previously, the target composition is typically selected based
on the intended application. Control of silicate deformation should be considered in
conjunction with the intended rolling temperature. When the temperature is below the
brittle-plastic transition, the inclusion’s deformation is inversely proportional to its Young'’s
modulus [148]. At higher temperatures, deformation is influenced by the silicate’s melting
point and is inversely proportional to its viscosity [148].

5.3. Further deformation and heat treatments

After the steelmaking process is complete, the steel — typically in the form of billets or
blooms — can undergo a series of mechanical and thermal stages to achieve its desired
properties before final machining. These stages are often distributed across several
facilities, moving from the steel mill to specialised forging plants, and finally to the
manufacturing facility, such as car and truck producers. The sequence of these
operations is vital because it determines both the final microstructure of the steel matrix
and the population of the non-metallic inclusions.

After primary forming, the steel may be subject to further bulk deformation, such as
forging. Forging is a solid-state process usually performed at high temperatures (hot
forging), where metal is shaped using localised compressive forces. During hot forging,
the application of intense, multi-directional compressive forces at elevated temperatures
triggers dynamic recrystallisation. This process ensures that the coarse, relatively
elongated primary grains are replaced by a new population of significantly smaller,
equiaxed grains [114]. This fundamental grain refinement is the primary reason forged
components exhibit superior toughness; the process effectively reduces the grain size
and mitigates the structural heterogeneities inherent in as-cast or primary-rolled steel.
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Similar to the influence of primary forming on the NMI population, the specific influence of
forging on inclusion morphology is determined by their relative plasticity at forging
temperatures [197]. Generally, soft manganese sulphides are elongated into high-
aspect-ratio stringers, whereas brittle inclusions like alumina or titanium nitrides remain
undeformed or fragment into smaller, isolated particles [190, 197].

In most cases, the steel undergoes subsequent thermal processing to tailor its
machinability or final engineering properties. By heating the steel above critical phase
transformation temperatures, the existing microstructural constituents are redistributed
or transformed into new microstructures, such as pearlite, ferrite, bainite, or martensite,
depending on the cooling rate and alloy chemistry. The choice of treatment dictates
microstructural features such as grain size and hardness, which directly impact cutting
forces. For instance, annealing involves heating the steel above the critical temperature
followed by controlled slow cooling to form a coarse pearlitic-ferritic microstructure that
is beneficial to machinability. Alternatively, normalising involves holding the steel above
its critical temperature then air cooling it to produce a more refined and uniform grain
structure. In medium-carbon steels, normalising leads to grain refinement and removal of
coarse pearlite or ferrite bands, which may influence machinability. In stainless steels,
solution annealing is performed to retain alloying elements in solid solution, preventing
the formation of hard grain-boundary carbides that can promote corrosion, act as
abrasive sites, and increase tool wear during machining.

While heat treatments strongly influence the steel matrix and its microstructure, their
effect on non-metallic inclusions is comparatively limited. Heat treatments do not have a
major effect on the size and distribution of NMls in the steel matrix [202]. Since standard
heat treatments do not reach the temperatures required to induce plasticity in these
inclusions, their shapes remain unchanged in the absence of mechanical deformation
[202]. The interaction between the heat treatment and NMls is primarily indirect,
manifesting in two ways. First, changes in the matrix properties and differences in thermal
contraction during cooling may generate interfacial stresses, potentially leading to micro-
void formation at the matrix-inclusion boundary. Second, diffusion across the NMI-matrix
boundary may lead to compositional changes in the inclusions. For example, Liu et al.
[202] reported that increasing the heat treatment temperature resulted in higher Mn
contents and lower Ca contents in sulphide and oxide inclusions, particularly in smaller
particles such as CaS, MgO-Al,Os-CaO-CaS and MgO-Al,Os-CaO inclusions. It is also
noteworthy that manganese sulphides can undergo minor spheroidisation during
prolonged high-temperature soaking to reduce their surface energy [203].
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6. Experimental details and analysis techniques

In this chapter, the investigated workpiece materials and the cutting tools used in the
machining tests are presented. The characterisation techniques and analytical methods
are also described.

6.1. Workpiece materials

The workpiece materials selected for machinability investigation are categorised into two
broad groups based on their metallurgical classifications and industrial applications. The
first group comprises low-alloy engineering steels, specifically (1) a medium-carbon
micro-alloyed C38 steel (Paper B), (2) a 20MnCrS5 case-hardening steel (Paper C), and
(3) a 100Cr6 high-carbon bearing steel (Paper E). The second group consists of a diverse
range of (4) stainless steels (Paper D), including ferritic, martensitic, austenitic, super
austenitic, duplex and super duplex grades. The details related to the steelmaking of
these various materials are summarised in Table 4. Due to confidentiality, the details
related to the secondary steelmaking are not included.

Table 4. Steelmaking and heat treatment details related to the various investigated materials (pre-
machining). For heat treatments, CC: controlled cooling, A: annealing, SA: solution annealing, QT:
qguenched and tempered.

, Primary steelmakin Castin Heat

Class Material BF-Borg EAFg Continuous ; Ingot ___treatments
Low-alloy c38 v v cC
steels 20MnCrS5 N4 N4 CC
100Cr6 N4 N4 CcC

Ferritic v v A

Martensitic Vv v QT
Stainless Austenitic v v SA
steels Super austenitic v v SA
Duplex v v SA
Super duplex v v SA

6.1.1. C38 micro-alloyed steel

C38 is a medium-carbon steel utilised for components requiring high fatigue strength
within high-volume production environments. Typical applications include connecting
rods, axle stubs, and crankshafts — the latter being the specific application for the material
investigated in this work. C38 grade is categorised as a low-alloy steel due to its total
alloying content remaining below 5%. In this case, it is classified as micro-alloyed due to
additions of vanadium and nitrogen which, despite their relatively low concentration,
fundamentally alter the grain structure and mechanical properties through precipitation
hardening. C38 possesses a ferrite-pearlite matrix achieved through controlled cooling.
For this study, two distinct batches of vanadium-micro-alloyed C38 were investigated in
their as-received condition. These batches were sourced from the same supplier at
different intervals, representing two separate melts (heats). The difference in
machinability of these two batches is described in Paper B.
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6.1.2. 20MnCrS5 case hardening steel

The second material investigated in this work is a 20MnCrS5, a low-carbon alloy steel
specifically engineered for case-hardening applications. The material was machined in its
soft state, with a fully pearlitic-ferritic microstructure. Typically, these case hardening
steels are further subject to induction hardening, a process utilised to create a high-
strength, wear-resistant martensitic surface layer while preserving a relatively ductile and
tough ferrite-pearlite core. This combination of properties is essential for gear
components that must withstand high surface contact pressures and cyclic loading
without brittle failure. The machinability of four distinct batches of this material (in soft
state) was evaluated; two batches were subjected to controlled laboratory cutting tests,
while the remaining two were machined within an industrial production environment. This
comparative investigation is described in Paper C.

6.1.3. 100Cr6 bearing steel

Another material examined in this research is 100Cr6, a high-carbon chromium alloy steel
widely used in the manufacture of rolling-element bearings due to its high fatigue strength
and wear resistance. For this study, the material was investigated in an unspheroidised,
pearlitic state, characterised by the presence of cementite along the grain boundaries.
The investigation involved two nominally identical batches of 100Cr6. These batches were
subjected to cutting tests using four different tool grades to assess the interaction
between the material's microstructural constituents and various tool coatings and
substrates. The methodology and findings regarding the performance of these tool-
material combinations are presented in Paper E.

6.1.4. Stainless steels

The fourth group of materials examined comprises various stainless steel families,
specifically ferritic, martensitic, austenitic, super austenitic, duplex, and super duplex
grades. The machinability of these materials was investigated and compared across a
range of cutting conditions. These studies are described in Paper D.

Ferritic

Ferritic stainless steels are primarily alloyed with chromium (typically 10.5% to 27%) and
possess a body-centred cubic (BCC) crystal structure that remains stable at all
temperatures. Their microstructure consists of ferrite grains, often containing fine carbide
precipitates, which provide moderate corrosion resistance and excellent resistance to
stress corrosion cracking. These steels are commonly utilised in automotive exhaust
systems and kitchenware. While they generally cannot be hardened by heat treatment,
they undergo annealing to relieve internal stresses and improve ductility following cold
working.

Martensitic

Martensitic stainless steels are high-carbon, chromium steels that can be heat treated to
achieve high levels of strength and hardness. Their microstructure is transformed from
austenite to a distorted body-centred tetragonal (BCT) martensitic lattice through rapid
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quenching. This high-strength steel is subject to a tempering cycle to balance hardness
with toughness, making it ideal for applications requiring high wear resistance and edge
retention, such as surgical instruments, turbine blades, and cutlery.

Austenitic and super austenitic

Austenitic stainless steels are the most widely used category, containing high levels of
chromium and nickel to stabilise the face-centred cubic (FCC) austenite phase at room
temperature. Their microstructure consists of equiaxed austenite grains with annealing
twins, providing excellent ductility, toughness, and corrosion resistance. This makes them
suitable for chemical, food processing, and pharmaceutical applications. Super austenitic
stainless steels are highly alloyed variants with increased molybdenum and nitrogen
content to improve resistance to pitting and crevice corrosion in aggressive chloride
environments. Although fully austenitic, their microstructure is more highly strained due
to the elevated alloying levels, and they are typically used in demanding applications such
as seawater heat exchangers and desalination plants. Both grades require controlled
solution annealing to retain alloying elements in solid solution and prevent intergranular
carbide precipitation.

Duplex and super duplex

Duplex stainless steels exhibit a balanced dual-phase microstructure of approximately
equal proportions of austenite and ferrite, combining the stress corrosion cracking
resistance of ferritic grades with the toughness of austenitic steels. They are commonly
used in the oil and gas industry and in marine structural applications, with performance
strongly dependent on maintaining the 50/50 phase balance through controlled solution
annealing and appropriate cooling rates to prevent brittle intermetallic phases such as
sigma (o). Super duplex stainless steels contain higher levels of chromium, molybdenum,
and nitrogen, resulting in a refined dual-phase structure that provides exceptional strength
and corrosion resistance in highly acidic or saline environments, such as subsea
manifolds and chemical processing equipment. Owing to their high alloy content, super
duplex grades are highly sensitive to thermal history and require strict solution annealing
procedures to avoid rapid secondary phase formation, which can cause embrittlement
and reduced machinability.

6.2. Workpiece characterisation

The workpieces were characterised following the procedure summarised in Fig. 10. Three
metallographic samples per batch were cut using a Struers cutting machine and hot-
mounted in conductive Struers PolyFast bakelite with the transverse surface exposed.
Samples were then sequentially polished using a Struers TegraPol with 9, 3, and 1 um
diamond suspensions. Two samples were then ready for direct characterisation, while the
third was etched to reveal the microstructure. Low-alloy steels were etched with 2% Nital
for approximately 10 s each, while stainless steels underwent electrochemical etching in
10% oxalic acid for times varying per grade.
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Fig. 10. Schematic depicting the process of workpiece material characterisation adopted in this work.

Once the samples were ready, the characterisation of the workpiece materials was
conducted using multiple microscopes, detectors, and testing instruments, as detailed
below:

e Scanning electron microscopy (SEM) was performed using the Zeiss Gemini 450
FEG-SEM.

o Energy-dispersive X-ray spectroscopy (EDS) was carried out using the Oxford
Ultim Max 100 silicon drift detector mounted on the Gemini 450 FEG-SEM.

e Light optical microscopy (LOM) was performed using the Leitz DRMX microscope.

o Automated hardness testing for each sample was conducted using the Struers
DuraScan-70 G5.

6.2.1. Microstructure characterisation

Depending on the material, the relevant microstructural features were then characterised.
For materials exhibiting dual-phase microstructures, the area fraction of each phase was
quantified using light optical microscopy. Micrographs covering a minimum surface area
of 4.0 mm? per sample were acquired in an unbiased manner at 50x magnification. The
area fraction analysis was subsequently performed using MATLAB image processing
(versions R2020b and R2025a). The micrographs were converted to grayscale, contrast-
enhanced, then binarised using an individually selected global threshold to ensure
accurate phase distinction, as shown in Fig. 11. Accordingly, the area fraction of ferrite
(Ar) was calculated as the ratio of ferritic pixels (Pg, pixels with a value of 1) to the total
number of pixels (Pr) in the processed image.
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Fig. 11. Conversion of LOM micrographs to binary for the quantification of microstructural phases.
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It is well established that the area fraction and volume fraction of microstructural
constituents may be considered equivalent when the two-dimensional measurements are
obtained from a statistically representative surface area [204]. Therefore, it is assumed
that the measured area fractions correspond to the volume fractions of the respective
microstructures.

The average grain size was determined from the binary images in accordance with ASTM
E112 using the intercept method for multiphase specimens. The images were then
converted to uint8 type, where three concentric circles were superimposed (Fig. 11). The
number of intersections with ferritic grains was then automatically calculated by image
subtraction and connected component analysis. With the number of intersections (N,),
the total test line length C,, (defined as the sum of the circumferences of the three inserted
circles), the optical magnification M,, and the ferrite area fraction A, the mean intercept
length of the ferrite grains L, was calculated as follows,

La — AF(C;:Ma) (5)
Once the mean intercept length of the ferritic grains was determined, the average grain
size was interpolated. In a similar manner, the mean true lamellar spacing of the pearlitic
colonies was characterised by superimposing a circular test grid of diameter (D) onto
the microstructure and counting the intersections between the cementite lamellae and
the grid. A circular test grid was employed instead of a linear grid in order to minimise the
influence of the sectioning plane effect, which may otherwise reduce the accuracy of the
measurements [205]. Rather than LOM micrographs, high-magnification SEM images
were acquired from etched specimens using the secondary electron (SE) detector and
subsequently binarised following the methodology described previously. The circular
grids were then positioned in an unbiased manner, and the number of intersections with
the cementite lamellae (Np) was recorded, as illustrated in Fig. 12. The lamellar mean
true spacing (a;) was then calculated as follows:

DC
r= ;TNP (6)
For each sample, at least 60 distinct pearlite colonies distributed across the entire
specimen surface were characterised to ensure a representative determination of the
mean true lamellar spacing.
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Fig. 12. Process used for determining the mean true lamellar spacing with help of an inserted grid.
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6.2.2. Characterisation of non-metallic inclusions

To obtain a representative characterisation of the non-metallic inclusions in the materials,
automated feature analysis combined with EDS was conducted using the Oxford
AZtecSteel® software. The feature analysis module identifies NMIs based on colour
contrast within the steel matrix in the backscatter electron (BSE) image, and EDS is
subsequently performed on each detected inclusion to determine its chemical
composition. This allows each inclusion to be assigned to its appropriate class — oxides,
sulphides, nitrides, or oxysulphides — with further subclassification where applicable. For
example, sulphides are subdivided into MnS or (Mn,Ca)S. A brief visual overview of this
procedure is provided in Fig. 13.

Acquired SEM-BSE image Features identified Features classified

Color

thresholds EDS Sulphide

Oxides

5 um

Fig. 13. Visualisation of the feature analysis algorithm employed for NMI characterisation.

The adopted classification scheme depends on the material type. For low-alloy steels, the
built-in “high quality steel” scheme was used, whereas stainless steels were classified
according to the built-in “inclusion clean steel” scheme. In both cases, inclusions are
assigned to a class and subclass only if they satisfy the specific criteria for that category.
For example, an inclusion is classified as a “sulphide” if its sulphur content exceeds a
defined weight-percentage threshold. To determine the appropriate subclass, the weight
percentages of other relevant elements, such as manganese and calcium, are evaluated.
Based on these values, the inclusion is then assigned either to the MnS subclass or the
(Mn,Ca)S subclass. This methodology enables the calculation of the area fraction for each
inclusion class and subclass, as reported in Papers B-E. Similar to microstructural area
fractions, the measured area fraction of a given NMI class can be considered equal to its
true volume fraction if a statistically representative area is analysed [206, 207].

6.2.3. Hardness measurements

The hardness profile was measured along the radial direction of the workpieces using the
Struers DuraScan-70 G5 hardness tester, according to ASTM standard E92. Several
measurements were made at each location along the radial direction for statistical
accuracy. For the C38 (Paper B) and 100Cr6 (Paper E) materials, the Vickers hardness
method with an HV10 indent was used. For the 20MnCrS5 (Paper C) and stainless steels
(Paper D), an HV5 indent was used instead.

6.3. Machining tests

6.3.1. Experimental details

The laboratory machining tests were carried out on a CNC-lathe (EMCO TURN 365)
mounted with a three-component dynamometer (Kistler 9257A) for force measurements.
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In particular, Fig. 14 shows the experimental setup used for the machining of micro-
alloyed C38 steel in Paper B. The tool configuration varied depending on whether the
cutting operation was longitudinal turning or facing.

4 S T =
Sl e
Fig. 14. Experimental setup used for machining in Paper B.

The cutting conditions and detailed parameters for each test are summarised in Table 5.
The setting specifies whether the experiments were conducted in the laboratory or on
industrial production lines. In contrast to the other cutting tests which were all conducted
under dry cutting conditions, the machining of stainless steels (Paper D) was conducted
under wet conditions using a cutting fluid with a 6% oil concentration. The end-of-test
criterion denotes the condition at which the tools were examined, defined either by a
specified spiral cutting length (SCL) or by the number of workpieces machined.

Table 5. Summary of cutting conditions used in machining tests

Paper B Paper C Paper D Paper E

C38 20MnCrS5 Stainless steels 100Cr6
Setting Lab Lab Industry Lab Lab

Turning Facing Longitudinal Profile Internal Longitudinal Facing
Cooling Dry Dry Dry Dry Wet Dry
Ve [m/min] 300, 400, 500 300, 400, 500 330 330 150 200
f [mm/rev] 0.1 0.1 0.5 0.4 0.25 0.1
ap [mm] 1 1 1.12 0.67 1.5 1.5

End of test SCL 1200m SCL 1200m WPC 120 | WPC 220 SCL 1500m SCL 2000m
Insert geometry | DCMT111T304 | DCMT111T304 WNMG080412 CNMG120408 | CNMG120408

Chip breaker M3 M3 M6 MM M3

Grade TP2501 TP2501 TP1500 GC2025, 2220 G1, G2

The insert grades were also varied to evaluate their influence on machinability, particularly
in Papers D and E. In Paper D, two grades were investigated: GC2025 and GC2220. The
differences between these grades relate to both the substrate and the coating system,
as detailed in Table 6. In Paper E, four custom-made grades were examined, designated
GO01, G02, GO3, and G04 (Table 6). Notably, these grades shared the same substrate,
with variations introduced in the coatings. To minimise extraneous sources of variation,
the tools’ edge radii were measured prior to the cutting tests, and tools with the smallest
variation were selected. Furthermore, the cutting conditions were kept constant in all
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comparisons, and all compared cutting tools were used under identical cooling-
lubrication strategies.

Table 6. Details of tool grades used in Papers D and E, including substrate and coating properties

Paper D Paper E
Tool grade GC2025 GC2220 G1 G2
. WC-Co with y-phase
% Composition WC-Co WC-Co (TIC. TaC. NbC)
E Cobalt content 14.5 vol% 13.8 vol% 5.5 wt%
@ Hardness [kg/mm?] 1350 HV3 1400 HV3 1570 HV10
Grain size [um] 1 0.96 2.2
5 2 Composition Ti(C,N) Ti(C,N) - Ti(C,N)
SR
=8 Thickness [um] 25 3 ; 2
L O " alternating )
§ .g Composition K-ALOs-TiN a-Al203 Ti(C,N) a-Al203
© Thickness [um] 2 2.5 10 8
6.4. Characterisation of the cutting tools

Following the cutting experiments, the cutting tools were subjected to characterisation
using advanced microscopy and compositional analysis techniques, as shown in Fig. 16.
Tool wear types and underlying wear mechanisms were examined by means of BSE and
SE imaging using the Zeiss Gemini 450 FEG-SEM. Surface chemical composition was
analysed using EDS. To further elucidate coating degradation, selected tools were
chemically etched in hydrochloric acid (HCI) at 60 °C for 3 h in order to dissolve adhered
workpiece material. This procedure enabled clearer assessment of coating degradation
that would otherwise be obscured by material adhesion (Paper D).

Etching Tool surface
characterisation
Rake surface Flank surface N >
characterisation characterisation \«,/ \-@ Iﬂ > SE/BSE-SEM
<> .ﬂ N P Q@ | EDSSEM
- = Lamella Lamella
SE/BSE-SEM SE/BSE-SEM extraction characterisation
v \d
EDS-SEM EDS-SEM - > - > STEM-in-SEM
g EDS-SEM
FIB-SEM

Fig. 15. Characterisation procedure applied to the cutting tools following the cutting experiments.

Specimen preparation for tribo-layer analysis was carried out by producing cross-
sectional lamellae using a focused ion beam (FIB) on a dual-beam FEI Versa 3D system
(Paper E). The thinned lamellae were subsequently characterised in scanning
transmission electron microscopy (STEM-in-SEM) and analysed chemically by EDS using
the Zeiss Gemini 450 equipped with a bright-field annular STEM (aSTEM) detector.
Analyses were performed at 30 kV accelerating voltage and 500 pA probe current.
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7. Summary of appended papers

This chapter summarises and discusses the principal findings presented in the appended
papers. Section 7.1 addresses RQ1 by outlining the results obtained from the modification
of the semi-analytical models for temperature prediction at the tool-chip interface (Paper
A). Section 7.2 addresses RQ2 by presenting the machinability variations observed in
different batches of the various workpiece materials and identifying the factors
responsible for these variations. Finally, section 7.3 addresses RQ3 through an
examination of tribo-layers and an analysis of their chemical composition.

7.1, Thermal modelling of the cutting process (Paper A)

Aim of the study presented in Paper A is to develop an improved semi-analytical model
for predicting the tool-chip interface temperature during cutting. The proposed
formulation builds upon established solutions to the heat conduction-advection problem
with a moving heat source. Two reference models are considered: the model proposed
by Komanduri and Hou (Model I) [5-7] and that developed by Moufki et al. (Model Il) [8].
A detailed analysis is carried out to formulate a variable heat flux distribution along the
tool-chip interface, accounting for the non-uniform heat generation within the sticking and
sliding regions during chip flow. Furthermore, the influence of cutting-edge geometry,
specifically ideal sharp and rounded edges, on the resulting temperature fields is
examined. The robustness of the developed models is evaluated for the machining of
plain carbon steels using uncoated carbide tools. The assessment focuses on two primary
criteria: the accurate prediction of the maximum interface temperature and the precise
determination of its location. For clarity, the notation (C) designates the original
formulation assuming a constant heat flux, whereas (V) denotes the modified formulation
incorporating a variable heat flux. Accordingly, Model | (C) refers to the original model of
Komanduri and Hou, while Model | (V) represents the model with the proposed variable
heat flux implementation.

Fig. 16 illustrates the maximum temperature along the tool-chip interface predicted by the
different models for C45 carbon steel, considering both ideal sharp and rounded cutting
edges. The modified formulations incorporating a variable heat flux, namely Models | (V)
and Il (V), exhibited behaviour comparable to their respective original versions, Model |
(C) and Model II (C), under both edge geometries. For an ideal cutting edge, Model |
demonstrated substantially higher accuracy than Model Il in predicting the maximum
interface temperature. The maximum errors associated with Models | (C), | (V), Il (C), and
Il (V) were 17%, 18%, 70%, and 63%, respectively. The overestimation observed for
Model Il under the ideal edge assumption was attributed to an overprediction of the heat
partition coefficient derived from empirical correlations. When a rounded cutting edge
was considered, a reduction in the predicted maximum temperature was observed for all
cutting conditions. This decrease is linked to the omission of the ploughing force
component in the calculation of thermo-mechanical loads acting on the rake face. Under
these conditions, the reduction in temperature effectively compensated for the previously
overestimated heat partition coefficient in Model I, resulting in improved predictive
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accuracy compared with the ideal edge assumption. It should be emphasised, however,
that neglecting the contribution of the ploughing component within the secondary shear
zone, without accounting for the associated heat generation in the tertiary shear zone,
may lead to significant underestimation of the interface temperature, as evidenced in the
present analysis. Future developments of these semi-analytical approaches should
therefore focus on a correct estimation of the heat partition, as well as incorporating the
influence of ploughing on the flank face and around the cutting edge.

Ideal Cutting Edge Round Cutting Edge
1200f ‘ ' ‘ ' 1F ' ' ' ' | [ Experiment
[ IModel | (C)
{ } I Model | (V)
[ IModel Il (C)
8900- { 1t { { I Model Il (V)
o
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® 600 i[
g
§
= in Ve
300+ 1T 1 Ccn:#gilign [m/min] [rnm.;rev]
1 100 0.1
2 100 0.2
3 200 0.1
0 L i L || || 4 200 0.2
1 2 3 4 1 2 3 4
Cutting Condition Cutting Condition
(a) (b)

Fig. 16. Comparison of maximum temperatures obtained using the different models for C45 carbon steel
using an ideal and round cutting edge.

Regarding the location of the maximum temperature along the tool-chip interface, Models
| (V) and Il (V) demonstrate a substantially lower error across all cutting conditions, as
illustrated in Fig. 17. The average error amounts to 8% for Model | (V) and 22% for Model
Il (V), whereas the corresponding original formulations, Model | (C) by Komanduri and
Hou and Model Il (C) by Moufki et al., yield considerably higher average errors of 169%
and 197%, respectively. This improvement can be attributed to the variable heat flux
formulation, in which the heat flux attains its maximum at the end of the transition zones
along the interface. Fig. 18 presents one set of the calculated stress, velocity and heat
flux profiles along the tool-chip interface, for the case of orthogonal cutting of C45 steel
with cutting conditions V. = 200 m/min, f= 0.2 mm/rev and a, = 2 mm. Evidently, the heat
flux is variable and attains its maximum value immediately following the transition region.
Here, the heat from both the plastic deformation in the sticking zone and the friction in the
sliding zone superimpose, leading to the maximum heat flux in this area.

By accounting for the distinct mechanics of the sticking and sliding zones, the model
incorporates a physics-based estimation of the heat generation along the tool-chip
interface. As a result, the predicted position of the maximum temperature shifts closer to
the cutting edge, in better agreement with experimental observations. Owing to their
enhanced predictive accuracy, these improved models provide a more reliable foundation
for advanced wear modelling, particularly for thermally driven mechanisms such as
dissolution-diffusion wear.
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Fig. 17. Comparison of the location of maximum crater wear KM with the location of the maximum
temperature for cutting conditions of C50 steel using an ideal cutting edge. Recreated from Paper A [9].
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Fig. 18. (a) Stress and velocity profiles and (b) heat flux contributions from the sticking and sliding zones
along contact length of an ideal cutting edge (C45, V. = 200 m/min, f = 0.2 mm/rev). Adopted from [9].

7.2. Factors influencing machinability

Throughout Papers B-E, multiple sources of machinability variation were identified and
classified according to their origin — namely workpiece material, workpiece geometry,
cutting tool and process. As outlined in Table 7, these groups are examined across
different publications and discussed in their respective subsections in this chapter.

Table 7. Different sources of machinability variation and their associated publications

Source of variation Paper B Paper C Paper D Paper E
C38 20MnCrS5 Stainless Steels 100Cr6
Workpiece Batch v v v
material Grade V4
Workpiece geometry v
Cutting tool v v
Process v v
7.2.1. Batch-to-batch workpiece variation

Papers B, C, and D investigate batch-to-batch variations and their corresponding effects
on machinability. This section is divided into two subsections: the first presents the
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differences observed in key machinability indicators, namely tool wear and cutting forces,
while the second synthesises the common trends identified across the three papers that
account for these variations.

Differences in machinability indicators

Significant differences in tool wear were observed between the different batches, with a
representative example for each material presented in Fig. 19. Across all investigated
cutting speeds (300, 400, and 500 m/min) for C38 steel, Batch B consistently exhibited
lower tool wear than Batch A, with significantly reduced flank wear and noticeably less
crater wear at identical spiral cutting lengths. At the highest speed, Batch A showed
substantial crater development, coating spalling, and even exposure of the WC-Co
substrate — effects not observed in Batch B, as shown in the BSE micrographs and EDS
elemental maps in Fig. 19. Additionally, the maximum flank wear depth was also lower in
batch B across all cutting conditions, as shown in Fig. 20.

V. =500 m/min f =0.1 mm/rev a,=1mm

Batch B

Batch A

C38

Laboratory tests Industrial tests
V. =500 m/min f =0.1 mm/rev ap=1mm V. =330 m/min f =0.4 mm/rev ap, =0.67 mm
Batch LA1 Batch LA2 Batch IN1 Batch IN2

?{l‘;»
VB, 167 pm ’
R

20MnCrS5

200pm

) V. =200 m/min f =0.1 mm/rev a,=1.5mm
Ti(C,N)-coated tools Al,03-coated tools
Batch A Batch B Batch A Batch B

‘‘‘‘‘

100Cr6

Fig. 19. BSE micrographs showing wear variation between the different batches of the low-alloy steels.
Images acquired at 20kV.

Regarding material 20MnCrS5, batch LA2 consistently produced more advanced tool
wear than LA1 in all investigated cutting conditions, as confirmed by BSE-SEM
micrographs and flank wear measurements shown in Fig. 19 and Fig. 20. Similar to
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machining of C38, the main wear types observed for this material were crater wear and
flank wear. In the industrial machining tests, IN2 produced substantially more wear than
IN1 in both OD and ID turning. When performing OD turning, the flank wear was 171 um
for IN2 vs. 124 uym for IN1, a 28% increase, and IN2’s insert showed substrate exposure
on the rake face, unlike IN1. In ID turning, the disparity was even more pronounced: IN2
generated severe notch wear with WC-substrate exposed, whereas IN1 did not (see Fig.
19). The maximum flank wear depth reached 617 um for IN2, a 135% increase compared
to IN1. IN2 also displayed more severe coating removal and damage at chip-breaker
regions.

For 100Cr6, both coated tools resulted in a pronounced reduction in machinability for
batch B, as illustrated in Fig. 19. In the Ti(C,N)-coated tools (G1), the rake surface of the
tool used for batch A largely retained its coating compared to batch B, where significant
coating degradation occurred leading to exposure of the substrate. For the Al,Os-coated
tools (G2), both batches retained the coating; however, differences in adhesion behaviour
were observed. Batch A exhibited a higher concentration of adhered Fe and Cr on the
rake surface, while batch B showed a pronounced presence of Ti-rich deposits,
particularly near the cutting edge. These had an influence on the formation of tribo-layers,
as discussed further in section 7.3. In terms of flank wear, machining of batch B resulted
in a substantial increase in maximum flank wear depth compared to batch A, with
increases of 123% for tool G1 and 20% for tool G2, as shown in Fig. 20. Regarding notch
wear, no measurable notch wear was observed for tool G2. In contrast, for tool G1, batch
A exhibited approximately 40% greater maximum notch wear depth than batch B (231
Jum versus 165 um).
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Fig. 20. Comparison of maximum flank wear depth (VBsmax) for machining different batches of low-alloy
steels at different cutting conditions (cutting speed V., feed f and depth of cut ap)

As an indicator of the thermo-mechanical loads acting on the cutting tool, the mean
cutting force during the first 10 seconds of machining was assessed, considering the tool
is largely unaffected by wear at that stage. For example, Fig. 21 presents the measured
forces. In the case of 20MnCrS5, Batch LA2 consistently exhibited a slightly higher cutting
force: on average 3%, 4% and 8% higher for the cutting, feed and passive forces. For
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100Cr6, batch A exhibited only a marginal increase relative to batch B, averaging
approximately 3% for the Ti(C,N)-coated tools and 5% for the Al,Os-coated tools.
However, in the case of C38, no consistent variations are observed across all cases. It is
then evident that forces alone do not constitute an independent indicator of machinability
differences for all materials. Consequently, cutting force must be interpreted in
conjunction with additional indicators, such as tool wear.
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Fig. 21. Comparison of initial cutting (Fc), feed (Fr) and passive (Fp) forces for the different low-alloy steels.

Batch-to-batch material variations

The primary source of variation influencing batch machinability originates from differences
in the workpiece material. These differences may be attributed to variations in (1)
microstructural characteristics, (2) thermo-mechanical properties, and (3) non-metallic
inclusion population. This subsection outlines the observed trends; however, it is
important to emphasise that this does not imply that specific features can be categorically
regarded as universally beneficial. Rather, the identified trends apply to the materials and
cutting conditions investigated in this study, particularly considering that comparisons
across different materials may lead to fundamentally different machinability responses.
For clarity in the correlation analysis, the batch that exhibited inferior machinability (based
on tool wear) is denoted with a “~” suffix (e.g., Batch A-), whereas the batch with superior
machinability is marked with a “+” suffix (e.g., Batch B*).

From a microstructure point of view, it can be seen in Fig. 22 that there are remarkable
differences between batches of nominally identical steels. The numbers at the top of each
micrograph indicate the mean ferrite area percentage [%], mean ferrite grain size [um]
and the mean HV hardness [kg/mm?]. In fact, the batches exhibiting superior
machinability consistently displayed characteristics associated with lower flow stress and
lower thermo-mechanical loading of the cutting tool. Particularly, the batches with
superior machinability exhibited microstructures with higher ferrite fraction and lower
hardness. For C38, Batch A- contained a lower ferrite volume fraction (19% vs. 28%) and
a harder outer diameter (261 vs. 241 kg/mm?). It can reasonably be assumed that batches
containing a higher ferrite fraction — given that ferrite exhibits greater thermal conductivity
than pearlite [208, 209] - will display increased overall thermal conductivity.
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Consequently, such microstructures are expected to reduce the thermal load imposed on
the cutting tool. In the case of 20MnCrS5 steel, these superior-machinability batches
further showed a coarser ferritic grain size (compare LA1* (9.8 um) vs LA2- (8.8 um), and
INT* (11.2 um) vs IN2- (9.2 um)). Additionally, the batch with superior machinability in
100Cr6 showed larger interlamellar spacing (85 vs. 73 nm) as well as lower hardness
(350 kg/mm?2vs. 357 kg/mm?).

Batch A- Batch B+ 50pm
Inner diameter i Outerdiameter Inner diameter Outer diameter

C38

Laboratory batches Industrial batches 50pm
Batch LA1+ Batch LA2— Batch IN1+ Batch IN2—

20MnCrS5

100Cr6

Fig. 22. Comparison of microstructures of different batches of various materials investigated. The
numbers at the top of each micrograph provide the mean ferrite area percentage [%], mean ferrite grain
size [um] and mean HV hardness [kg/mm?].

From the perspective of non-metallic inclusions, the increased wear observed in the
inferior batches may be associated with a less favourable inclusion population. Although
the isolation of individual contributing factors remains challenging, certain overall trends
can nevertheless be identified. The area fractions of NMI classes are presented in Fig. 23.
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Fig. 23. Comparison of area percentage [%] of NMI classes between batches of low-alloy steels.

One trend that can be observed with these materials is the greater number and volume
fraction of nitrides present in every batch that exhibited inferior machinability. This is the
case for C38 [batch A= (1431) vs. B* (1046)], the laboratory batches of 20MnCrS5 [batch
LA1* (1) vs LA2- (25)], its industrial batches [batch IN1* (44) vs IN2-(77)], as well as the
100Cr6 batches [A* (82) vs B~ (190)]. These high-hardness particles can accelerate
coating degradation by abrasive ploughing and promote earlier exposure of the WC
substrate. Such hard nitrides can also destabilise the formation of tribo-layers, as further
discussed in section 7.3. Another trend was observed regarding nitride size, where
batches with larger nitrides consistently exhibited increased tool wear.

The influence of sulphides exhibits a more complex behaviour, depending on their
composition, specifically whether they are pure MnS or calcium-rich (Mn,Ca)S. Batches
with a higher proportion of MnS inclusions generally showed lower tool wear and improved
machinability, likely through their function as crack initiation sites that increase chip
breakability and promote the potential formation of lubricating tribo-layers. Notably, the
quantity of sulphides seems to be a more representative metric than the area fraction. For
instance, LA1* exhibits superior machinability — it has more sulphide inclusions than LA2-
(1347 vs. 1025) but less sulphide area fraction (0.14% vs. 0.20%), probably also
emphasising the role of the size of inclusions, as smaller sulphides (within a certain range)
are considered more beneficial. The exception to this observed trend was the 100Cr6
batches, where batch A* showed better machinability with significantly less MnS
sulphides. Calcium-rich (Mn,Ca)S sulphides are recognised for facilitating the formation
of more stable lubricating layers at elevated temperatures compared to calcium-poor
sulphides. No consistent trend in terms of quantity or area fraction of these sulphides was
observed across the investigated materials. Regarding the influence of sulphide size and
aspect ratio, Fig. 24 compares these characteristics for sulphides. A trend is observed for
the size of (Mn,Ca)S sulphides, where smaller inclusions are consistently present for all
the batches that exhibited superior machinability (C38-B*, LA1*, IN1* and 100Cr6-A").
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Similar trends are identified for MnS — smaller and more globular MnS sulphides exist in
superior batches; however, the exception to this is the 100Cr6 batches.
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Fig. 24. Comparison of aspect ratio versus area of the sulphide inclusions in each batch of the low-alloy
steels. The values at the top of each graph respectively denote quantity [-], mean area [um?], and mean
aspect ratio [-] of each inclusion subclass.

Finally, oxides and oxysulphides generally contribute to micro-abrasion and abrasive
ploughing of the tool coatings. However, the extent of their abrasiveness is difficult to
assess without knowledge of their chemical composition, as their behaviour is strongly
governed by properties such as hardness and plasticity. Given favourable composition
and conditions, oxysulphides can instead form protective layers on the tool surfaces.
Therefore, it is important to emphasise that evaluating oxysulphides solely based on their
quantity or volume fraction, without accounting for their chemical composition, can be
misleading. Thus, Table 8 summarises the average chemical composition of
oxides/oxysulphides present in different batches.

Table 8. Average chemical composition per oxysulphide in weight percentage [wt.%]

Batch Al2O3 SiO: Ca0 MgO MnO TiO2

g A 30.2 0.4 55 4.4 55.7 3.9

B 31.0 03 9.1 2.2 53.3 4.1

LAT- 106 79 0.7 0.9 79.9 0.0

LA2- 28.9 06 71 1.9 61.5 0.0

20MnCrsS INT* 222 2.2 35 2.0 70.1 0.0
IN2- 32.6 0.0 73 2.0 58.1 0.1

A 253 89 32 1 5.8 17

100Cr6 B- 737 4.4 0.8 11 19.9 0.1S

For the C38 steel, Batch B* contains approximately twice the oxysulphide area fraction
of Batch A-. The chemical composition of the oxysulphides in both batches is similar,
except for a higher calcium concentration in Batch B* (A=: 5.5 wt.% vs. B": 9.1 wt.%).
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Based on their chemical composition, Ca-rich oxysulphides exhibit lower hardness (Fig.
6), thereby reducing their contribution to the abrasive wear mechanism and instead,
probably promoting the formation of protective layers on the tool surfaces. Thus, the
oxysulphide composition seems to favour the machinability of Batch B*.

For the 20MnCrS5 batches, similar trends in oxide composition were observed between
both sets of batches. The batches that exhibited superior machinability (LA1* and IN1*)
both possessed a higher Mn- but lower Al- and Ca- content compared to their
counterparts (LA2- and IN2-). In fact, higher Mn-content renders oxides significantly
softer with a lower melting temperature compared to Al-rich oxides [210]. Despite IN2-
and LA2- exhibiting higher mean calcium content, the potential benefit associated with
increased Ca in Al-rich oxides appears to be less influential than the elevated MnO
concentration observed in IN1* and LA1* for these materials. Similar trends were also
observed in the 100Cr6 batches. The batch that exhibited superior machinability (A*)
possessed oxysulphides with lower Al- and higher Mn- content. Further, the oxysulphides
in batch A* possessed higher Ca-content, despite its low concentration. The influence of
these oxysulphides on the machinability is further discussed in section 7.3. Across all
investigated materials, there were no discernible trends regarding oxysulphide size and
globularity, indicating that the influence of this inclusion class on machinability is primarily
governed by its chemical composition rather than its morphology.

Table 9 summarises the investigated material features and their expected influence on
machinability. For each feature, the condition anticipated to enhance machinability is
defined (e.g., higher ferrite fraction). A check mark (V') then indicates if the batch with
superior machinability demonstrated this favourable characteristic, a cross (X) denotes
if it did not, and an equal sign (=) signifies that both batches exhibited comparable values
for this feature. N/A signifies that one batch did not possess this type of NMI.
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Table 9. Summary of investigated material features and their expected influence on machinability.
C38 20MnCrS5 100Cr6

Batch B* LA1* INT* A*

Higher ferrite fraction N/A

Larger grain size N/A
Larger interlamellar spacing
Lower hardness
More MnS sulphides
Smaller MnS sulphides
Globular MnS sulphides
More (Mn,Ca)S sulphides
Smaller (Mn,Ca)S sulphides
Globular (Mn,Ca)S sulphides
Less nitrides
Smaller nitrides
Globular nitrides
Smaller oxysulphides
Globular oxysulphides
Less Al-rich oxides
More Mn-rich oxides

Micro-
structure

NEN ENRTIENEN

MnS

&

N/A
N/A

(Mn,Ca)S

NN O AN ERTI N
Il

Nitride

Non-metallic inclusions

Oxides

SRS RN PO N EUE N DN R TR NT
N R N R N S R N N IR

1 >
SRR PR

&

More Ca-rich oxides

7.2.2. Workpiece grade variation

While the other publications varied batches of nominally identical steels, Paper D
examined machinability across different grades of stainless steel. Similarly, this section is
split into 2 subsections: (1) differences in machinability indicators and (2) workpiece
material characteristics that may explain the machinability differences.

Differences in machinability indicators

The cutting tool grade in these cutting tests was varied, leading to distinctly different flank
and notch wear depths across the investigated materials, as observed in Fig. 25. For tool
grade GC2025, VBsmax Was lowest when machining the martensitic stainless steel
(98 um), 48.8% higher for ferritic, and most severe for the super duplex steel (480 um).

500 1 . I f ' I VBg.., (GC2025)
| [ VBsnax (GC2220)

400 = ] % VBNmax (Gczzzo)

E

=1 -

< 300 [

o

[

T

=200 ]

]

=

= Z 4 L
Ferritic Martensitic Austenitic =~ Super Duplex Super
Austenitic Duplex

Fig. 25. Difference in maximum wear depths for various stainless steels using tool grades GC2025 and
GC2220 with cutting conditions: Ve = 150 m/min, feed f = 0.25 mm/rev and depth of cut ap = 1.5mm.
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The coating degradation was also significantly different between materials, as shown in
Fig. 26. The martensitic workpiece showed the least adhesion and coating degradation
on both rake and flank surfaces compared to all other grades. Ferritic machining resulted
in coating spallation, a feature not observed for any other stainless steel, while machining
of super duplex steels produced the most severe wear, exhibiting loss of the cutting edge
despite being machined to only half the SCL of other materials.

il o Martensitic
d.r.w %,

Fig. 26. BSE micrographs showing the worn rake surfaces of the GC2025 tools. Obtained at 20kV.

Notch wear was observed exclusively for tool grade GC2220 as shown in Fig. 27. The
highest notch wear depths occurred for the super austenitic, duplex, and super duplex
steels, all of which displayed substantial adhesion in the notch region. The ferritic tool
showed advanced coating degradation with exposed substrate in the notch region.
Martensitic machining again resulted in comparatively limited coating degradation and
minimal adhesion compared to the other stainless steels. For the notch wear depth, VBumax
was 123.3 pym in martensitic, 153.3 ym in ferritic (+24%) and 189.1 um in super duplex
(+53%). For both tool grades, the cutting force yielded the highest values for super duplex
steel and the lowest for ferritic steel.

Martensitic Ferritic Super Duplex

e

Fig. 27. BSE micrographs showing t*he flankﬂsurfaces of the cutting tools GC222. Obtained at 20kV.

Workpiece material variations

The wear behaviour of the investigated stainless steels is strongly influenced by their
thermo-mechanical properties, presented in Table 10, and microstructures, shown in Fig.
28. Martensitic steel combined the highest hardness with low specific fracture energy and
relatively high thermal conductivity, generating low thermal loads despite higher forces.
This can explain the minor adhesion and shallow crater wear observed for this material.
Ferritic stainless steel caused comparatively low wear on the tool's rake face, but
moderate flank and severe notch wear. From the perspective of thermo-mechanical
properties, ferrite’s low yield strength and low hardness promote lower cutting forces so
the stresses on the tool are relatively low. Further, ferrite’s low specific fracture energy and
high thermal conductivity facilitate efficient heat dissipation, reducing thermal loads on
the tool. Despite these favourable conditions, ferrite’s inherent stickiness still leads to
moderate adhesion on the tool surfaces, while the severe notch wear can be attributed to
chip-induced cyclic loading at the depth-of-cut line. Austenitic and super austenitic steels’
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low thermal conductivity, high ductility and strong strain hardening promoted adhesion
and hardened material deposition, accelerating coating degradation. Duplex and super
duplex steels, with their high strength, high ductility, limited thermal conductivity, and high
specific fracture energy, generated the most severe thermo-mechanical stresses. This is
consistent with the most aggressive wear and in super duplex, plastic deformation.

Table 10. Thermo-mechanical properties of the investigated stainless steel grades.

Ultimate Reduction Specific

Yield ) Elongation in cross- Thermal P
Hardness tensile : L fracture

strength at fracture  sectional conductivity

strength area energy
[kg/mm?] [MPa] [MPa] [%] [%] [W/mK] [GJ/m?]
Ferritic 147 264 382 20 18 25 0.119
Martensitic 294 767 942 18 52 30 0.107
Austenitic 162 326 591 59 79 15 0.260
Super Austenitic 187 384 617 41 82 12 0.222
Duplex 250 573 746 38 76 14 0.236
Super Duplex 276 579 802 42 80 15 0.272

(a) Ferritic

(c) Austenitic
L T di e

(d) Super Austenitic

>

: : 50 "m k
Fig. 28. BSE micrographs of microstructures for the investigated stainless steels obtained at 500x
magnification and (a) 10 kV, (c) 3 kV, (d) 15 kV, and (b, €, f) 2kV, RD represents the rolling direction.

In addition to the differences in microstructure and thermo-mechanical properties, the
non-metallic inclusions also vary substantially across the stainless steel grades, as shown
in Fig. 29. The martensitic stainless steel was characterised by a high population of fine,
globular MnS inclusions (7238; mean size 0.48 um?) which likely enhanced lubricity at the
tool-chip interface, reducing adhesive and crater wear. However, larger Si-rich hard
oxides (163) and oxysulphides (413) caused localised abrasive interactions, evidenced
by the micro-grooves on the tool. Ferritic stainless steel was characterised by its high
population of small, hard oxides (533; mainly Al.Os, MnO and TiO,; see Fig. 30), which
contributed to pronounced coating degradation and spallation. The absence of numerous
MnS inclusions (19) reduced lubricity, exacerbating adhesion and adhesive pull-out.
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In the austenitic grade, large and elongated sulphides (1154; mean size 1.82 uym?; mean
aspect ratio 3.5) were less beneficial for machinability, while a substantial and abrasive
Si-, Ca- and Al-rich oxide/oxysulphide population (1173) contributed to extensive tool
coating degradation and pronounced crater wear. Although calcium-rich inclusions may
form protective layers under favourable conditions, this effect was not evident. The super
austenitic grade contained significantly lower volume fraction of sulphides, further limiting
lubricity and protective layer formation. In contrast to the other stainless steels, the duplex
grade had low oxide and sulphide contents, suggesting a limited influence of NMls on its
machinability. The super duplex grade, however, contained numerous large Al,O3-CaO
oxides (280; mean area 3.35 uym?; Fig. 30). Despite their reduced hardness at higher CaO
contents, any potential protective effect seems to have been outweighed by the severe
thermo-mechanical conditions.

6.8 [ 104 Stainless steels
[ Ferritic
[ Martensitic
4 "1 Austenitic
[ Super austenitic
[ 1Duplex

I Super duplex

o
-

Area percentage [%)]
I =

; _

MnS (Mn,Ca)S Oxides  Oxysulphides
Inclusion class

Fig. 29. Comparison of area percentage of NMIs by class between batches of stainless steels.
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Fig. 30. Comparison of oxysulphide chemical composition for the investigated stainless steels.

7.2.3. Influence of workpiece geometry

Another source of variation in machinability arises from differences in workpiece
geometry, which may result from upstream variability in forging precision between
suppliers as well as clamping and fixturing inconsistencies during turning operations. The
study presented in Paper C on the machinability of 20MnCrS5 provides clear evidence of
these effects, where the effective depth of cut experienced by the tools in the industrial
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lines differed significantly despite nominally identical machining conditions (see Fig. 31).
This variation indicates that the mechanical loading on the tool is not uniform, leading to
local fluctuations in cutting forces, contact conditions, and heat generation.
Consequently, these variations influence tool wear progression, tribo-layer development,
and overall machining stability, thereby contributing to differences in machinability.

Inner diameter turning

Batch IN1

Batch IN2

Fig. 31. Comparison of effective depths of cut for industrial tools used for machining the two batches
(IN1*and IN2") of 20MnCrS5 with two different cutting processes (outer and inner diameter turning).

7.2.4. Influence of tool grade variations

The selection of tool grade plays a critical role in determining machinability, as different
coating architectures and substrate properties can lead to markedly different wear
behaviours under identical cutting conditions.

In Paper D, the machining of stainless steels was carried out using two tool grades,
GC2025 and GC2220 (detailed in Table 6), which primarily differ in their coating
compositions. The most pronounced distinction in their performance was observed in
their notch wear behaviour. Notch wear was prominent in GC2220 (multilayer k-Al,Os—TiN
outer coating), whereas it was largely absent in GC2025 (single a-Al,Os; outer coating).
For both tool grades, notch wear initiation is associated with brittle failure of the coating
at the depth-of-cut line, followed by adhesion-driven material removal [23,24], as
supported by the presence of adhered workpiece material in the notch regions (Fig. 21),
particularly for GC2220. The observed differences can be attributed to the way each
coating architecture accommodates crack initiation and propagation. In GC2025, the
multilayer k-AlLOs—TiN coating promotes a more gradual degradation process, where
cracks propagate through successive layers via interlamellar spallation, resulting in a
controlled, stepwise material removal. In contrast, GC2220 features a thicker single a-
Al,Os coating, which is more susceptible to notch failure due to the detachment of larger
coating fragments, thereby accelerating notch wear. Consequently, the multilayer
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structure in GC2025 enhances resistance to catastrophic coating loss, whereas the
single-layer a-Al.Os coating in GC2220 is more prone to large-scale material removal.
This difference in wear response is further enhanced by the more homogeneous plastic
deformation exhibited by a-Al,Os-coated tools, which is governed by basal slip
mechanisms due to their {0001} texture, thereby enhancing their resistance to wear.

A similar trend is observed when machining 100Cr6 using with differently coated tools G1
and G2 (Table 6), which share identical substrates but differ in coating composition. The
Ti(C,N)-coated tool (G1) exhibited more severe wear across all modes, including flank,
crater, and notch wear, for both batches. Notch wear was exclusively observed in this
grade. In contrast, the o-Al,Os-coated tool (G2) showed significantly improved wear
resistance and no evidence of notch wear. Given that adhesion plays a key role in notch
wear development, the lower chemical affinity of alumina compared to the Ti(C,N) coating
likely reduces adhesion at the tool-chip interfaces, thereby delaying or suppressing notch
formation.

7.2.5. Influence of process variations

For machining of C38 (Paper B) and 20MnCrS5 (Paper C), variations in flank and crater
wear across different cutting conditions (see Fig. 19 and Fig. 20) indicate that the
magnitude of batch-to-batch variations is condition-dependent. While consistent trends
in machinability persisted across a range of cutting speeds, the severity of the differences
was amplified under specific conditions, particularly at higher cutting regimes (V. = 500
m/min).

In addition to variations within a given operation, the machinability response of identical
batches can differ depending on the machining process, as demonstrated in the industrial
cutting tests of 20MnCrS5 (Paper C). The disparity between IN1* and IN2- was more
pronounced in internal turning than in external turning (see Fig. 31). This can be partly
attributed to inherent differences in process kinematics, including tool-workpiece
engagement and chip evacuation. In internal turning, restricted chip evacuation reduces
heat dissipation and increases the likelihood of chip re-contact with the tool, leading to
elevated friction, thermal loading, and accelerated wear. These conditions also promote
repeated interaction between the tool and hard constituents within the chip, such as
nitrides and oxides, thereby intensifying micro-abrasive wear. Overall, these findings
emphasise that machinability should be considered a system-level response, governed
by the combined effects of material characteristics and process conditions.

7.3. Formation of tribo-layers

The formation of tribo-layers was examined in Paper E following the machining of two
batches of 100Cr6 with two different tools (see Table 5 and Table 6). STEM lamellae
extracted from the rake surfaces revealed the presence of tribo-layers for both tools —
Ti(C,N)-coated (grade 1) and o-Al,Os-coated (grade 2) — with more pronounced
development observed in batch A, as shown in Fig. 32. For the Ti(C,N)-coated tool, a
continuous Al-O-rich tribo-layer was identified on the Ti(C,N) rake surface, appearing as
a dark contrast region. Within this layer, localised regions containing varying
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concentrations of Fe, Cu, and Al were observed. Furthermore, discrete Fe-oxide deposits
were found distributed along the length of this layer. This Al-O-rich tribo-layer is likely
associated with the deformation and subsequent deposition of MnO-Al,Os-rich
oxysulphide inclusions present in batch A*. Such inclusions exhibit greater deformability
than pure Al,Osinclusions, enabling them to plastically deform and smear onto the tool
surface rather than fracture and contribute to abrasive wear. Alumina-based layers are
inherently hard and may undergo further strengthening due to severe plastic deformation
prior to deposition [211], thereby enhancing their ability to protect the underlying tool
coating from abrasive wear mechanisms. This is reflected in the observed tool wear
behaviour, where machining of batch A* — which exhibited the presence of such layers —
resulted in greater retention of the coating compared to batch B-, whose tool experienced
significantly more severe coating loss, leading to exposure of its underlying substrate. In
fact, in contrast to batch A*, no such tribo-layer was identified in the lamellae extracted
from tools used for machining batch B-. While it is important to acknowledge that lamellae
represent highly localised regions and therefore do not allow for broad generalisation, this
absence may nevertheless be linked to the underlying inclusion population. In particular,
the significantly higher number and mean area of nitrides in batch B~ may promote
shearing and destabilisation of any forming layers. Furthermore, the oxide inclusions in
this batch are significantly richer in Al,O3(73.7% vs. 25.3%, Table 8), resulting in higher
hardness and reduced deformability, which limits their ability to plastically smear and
contribute to stable tribo-layer formation.

Ti(C,N)-coated tool

a-Al,0,-coated tool

Pt-deposition
Au-sput;ter

Fe-O deposit

\Cr-Mn—Fe-O-rich layer
200 nm

Fig. 32. HAADF micrographs showing the deposition of different tribo-layers on the different coatings of
the tools used for machining batch A.

In contrast to the Ti(C,N)-coated tools, the a-Al,Os-coated tools promoted the formation
of a thinner oxide layer enriched in Fe, Cr, and Mn (dark grey contrast) adjacent to its o-
AlL,Os coating (black contrast). Within the adhered material (light grey contrast), elongated
strands of Fe—O-rich phases were also observed. These Fe—-Cr—Mn-0 tribo-layers, which
were detected in batch A* but not B, are likely to have contributed positively to the
machinability of batch A* by altering the interfacial tribological conditions favourably and
thus mitigating wear. However, further investigation into the physicochemical and
mechanical properties of such tribo-layers is required to fully elucidate the mechanisms
by which they influence tool-workpiece interactions.
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8. Conclusions and future work

This chapter presents the conclusions of the thesis, formulated with respect to the
research questions presented in Chapter 1. Some recommendations for future work are
also provided.

8.1. Conclusions

RQ1 - Does a physics-based approach to quantify tribological conditions at the tool-chip
interface improve the accuracy in simulating the stress and thermal conditions
during turning?

Based on the investigations presented in Paper A, which examined the effect of
incorporating a variable heat flux into two established semi-analytical temperature
models, the following conclusions can be drawn:

e Incorporating a variable heat flux along the tool-chip interface has a limited
influence on the magnitude of the maximum interface temperature; however, it
significantly enhances the accuracy of its predicted location. In particular, the
modified Komanduri and Hou model, Model | (V), demonstrates good agreement
in predicting both the peak temperature and its position. This improved localisation
is of critical importance for the accurate estimation of crater wear evolution during
machining.

e The model proposed by Komanduri and Hou demonstrates improved accuracy in
predicting the maximum cutting temperature compared to the model presented
by Moufki et al. (Model Il) when incorporating a similar heat flux distribution. This
improvement is primarily attributed to the temperature coupling along the tool—
chip interface inherent in Komanduri and Hou’s formulation, which enables direct
determination of the variable heat partition. In contrast, Model |l requires prior
specification of the heat partitioning coefficient, making its accuracy highly
dependent on the reliability of the assumed partitioning relationships.

e The developed machine learning-based approach for identifying the heat
partitioning parameters within Komanduri and Hou’s model offers a promising
framework, thereby enabling more efficient and reliable temperature predictions.

e Modelling a round-edged cutting tool results in a notable reduction in predicted
cutting temperature, primarily due to the exclusion of the heat source associated
with ploughing forces, as well as the corresponding decrease in normal and shear
forces acting along the tool’s rake face.

RQ2 - How do microstructural variations affect the machinability of various grades of
steels?

Based on the investigations presented in Papers B-E, in which the machinability of
different steel batches and grades was examined, the following conclusions can be
drawn:
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RQS3 -

The machinability of nominally identical steels can exhibit significant variation
between batches, extending beyond what can be explained by the properties
typically reported in material certificates.

o Higher ferrite fraction, larger interlamellar spacing and lower hardness
were consistently associated with the batch exhibiting superior
machinability.

o Nitrides were found to have a strong influence on machinability, with higher
number density, area fraction, and mean size, as well as lower globularity,
consistently associated with poorer machinability. Consequently, control of
nitride characteristics during the steelmaking process appears to be of
critical importance.

o The influence of oxysulphides appears to be primarily governed by their
chemical composition rather than their size or aspect ratio. While their
morphology exhibited varied trends, batches containing oxysulphides with
higher MnO content and lower Al,Os content consistently demonstrated
improved machinability. The concentration of CaO appears to be less
influential than those of MnO and Al,Os.

o Inmost materials, a higher presence of MnS sulphides was associated with
improved machinability. Furthermore, smaller and more globular sulphides
tended to correlate with better machinability.

o Similarly, Ca-rich sulphides were more prevalent in batches exhibiting
superior machinability. Although no clear trend was observed with respect
to globularity, smaller Ca-rich sulphides were consistently associated with
improved machinability.

The machinability of different stainless steel grades was significantly influenced by
their thermo-mechanical properties, with thermal conductivity, specific fracture
energy, ductility and vyield strength being most representative of their
machinabilities.

The influence of tool grade, process parameters, and workpiece geometry was
shown to be significant in determining machinability. This highlights the
importance of evaluating machinability as a system-level response rather than as
an intrinsic property of the material alone.

Can workpiece microstructural variations affect the formation and stability of
protective tribo-layers on the cutting tool?

Based on the investigations of tribo-layer formation during machining of 100Cr6 using
two distinct tool grades, the following conclusions can be drawn:

The type of tribo-layer formed is strongly influenced by the coating composition.
Ti(C,N)-based coatings were found to promote the formation of Al.Os-rich layers
during machining of 100Cr6, whereas Al.Os coatings favoured the formation of
Cr—Mn-rich oxide layers.

The formation of tribo-layers is closely associated with the presence of deformable
oxides, with MnO-Al.O3 oxides promoting layer formation more readily than Al.Os-
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8.2.

rich oxides. Further, the preferential oxidation of chromium can also promote the
formation of Cr-rich oxide tribo-layers.

The formation mechanism of tribo-layers can be associated with the deposition of
workpiece material into micro-grooves present in the tool coating.

Hard inclusions, such as nitrides and Al.Os-rich oxides, can disrupt and destabilise
the formation of tribo-layers on the tool surface.

Future work

Based on the findings of this thesis, some directions for future work are identified.

From a modelling perspective:

Future developments of semi-analytical modelling approaches should place
greater emphasis on accurately determining the heat partition between the tool
and chip, as this remains a critical factor governing temperature prediction and,
consequently, wear behaviour.

More realistic representation of round-edged cutting tools requires explicit
incorporation of ploughing effects, particularly along the flank face and in the
vicinity of the cutting edge.

From a machinability perspective:

Decoupling the respective influences of microstructure and non-metallic inclusions
would provide deeper insight into their individual contributions to machinability.
This could be achieved by applying controlled heat treatments to a single material
batch to systematically vary microstructural features — such as ferrite fraction and
grain size — while preserving a constant inclusion population. Conversely, remelted
or inclusion-engineered steels could be utilised to tailor inclusion characteristics
(size, morphology, and chemistry) while maintaining a comparable bulk
microstructure. Such an approach would enable independent evaluation of
inclusion-driven effects on tool wear and cutting behaviour. In particular, targeted
control and deliberate variation of oxide populations would be of significant
interest, allowing investigation of their role in machinability and in the formation and
stability of tribo-layers at the tool-chip interface.

The role of sulphides remains less consistent across the investigated batches;
therefore, more detailed insight may be gained through systematic chip formation
and chip morphology analysis.

Advanced characterisation techniques (e.g. high-resolution SEM/TEM analysis)
should be employed to understand the formation mechanisms and structural
evolution of tribo-layers at the tool-chip interface.

Further investigation into the physicochemical and mechanical properties of the
tribo-layers, for example through techniques such as nano-indentation, is required
to elucidate the mechanisms by which they influence tool-workpiece interactions.
For the machinability analysis of 100Cr6, extending the study to include
spheroidised microstructures would provide useful comparative insight into the
microstructure’s influence on the machinability of bearing steels.
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