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 a b s t r a c t

The intercooled composite cycle engine (CCE) is a propulsion system concept with potential for fuel burn re-
duction exceeding 10% compared to a future geared turbofan. However, nitrogen oxides (NOx) emissions are 
expected to exceed those of conventional combustion systems, and integrating a piston engine into the core in-
troduces significant weight penalties. There is a lack of understanding of the underlying cycle design parameters 
that drive emissions and decrease core compactness, and how these can be traded off against efficiency for a 
more balanced design. In the present paper, we address this gap by systematically investigating the effect of key 
CCE cycle design parameters on thermal efficiency, power density, and NOx emissions. The analysis demonstrates 
that most of the design changes that increase thermal efficiency will also lead to an increase in NOx emissions, 
with clear trade-offs between specific power and efficiency. Multi-objective optimisations are conducted, gen-
erating Pareto fronts showing the efficiency-NOx trade-off. A 13.4% improvement in thermal efficiency relative 
to a future geared turbofan is possible. This optimum is achieved at the maximum admissible cylinder pressure 
and by only adding heat in the piston engine. Higher constraints on specific power are found to shift the Pareto 
front towards higher NOx and lower thermal efficiency. However, without the introduction of NOx mitigation 
techniques, the NOx emissions are estimated to be 5.3 times higher for the highest thermal efficiency design, 
highlighting the need for dedicated NOx reduction strategies.

1. Introduction

Aviation contributes to approximately 3.5% of the net anthropogenic 
climate change, with non-CO2 effects contributing to about two-thirds of 
the net radiative forcing [1]. Excluding contrails, the primary non-CO2 
warming effect is caused by nitrogen oxides (NOx) emissions. There is 
both a warming and cooling effect caused by the emissions of NOx, with 
a net-positive contribution to global warming. Several reduction targets 
have been set to curb the impact of aviation on the climate. An example 
is the targets set for the year 2050 by the European Strategic Research 
and Innovation Agenda. Reductions in 75% of CO2 and 90% of NOx
emissions per passenger kilometre are expected relative to a year 2000 
aircraft [2]. Exceptional improvements are needed in the propulsion sys-
tem to meet such ambitious goals. In addition to increasing propulsive 
efficiency, the main driver for an efficient aero engine is the thermal 
efficiency of the engine core. However, for the current Brayton cycle, 
the projected improvements in thermal efficiency are expected to level 
off due to technological and material limitations [3]. To further increase 
the core efficiency, a new type of thermodynamic cycle is needed [4,5].
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 E-mail addresses: adam.l.johansson@chalmers.se (A. Johansson), anders.lundbladh@gknaerospace.com (A. Lundbladh), tomas.gronstedt@chalmers.se (T. 
Grönstedt), carlos.xisto@chalmers.se (C. Xisto).

As a result of the EU project ULTIMATE [6], in which novel core 
engine architectures were investigated, the most promising way to in-
crease the thermal efficiency of the thermodynamic cycle was to target 
the irreversibility of heat addition. This can be realised by replacing the 
isobaric heat addition of the Brayton cycle with a pressure-gain combus-
tion system [7]. One concept for pressure-gain combustion, detonation 
engines [8–13], has been found to have the potential to generate thermal 
efficiency improvements of up to 8.5% compared to a year 2050 geared 
turbofan, but produces prohibitive amounts of NOx with emission index 
between 100 g/kg and 200 g/kg. It also faces significant technological 
challenges before becoming practically viable [14,15]. The concept that 
was singled out to be closest to practical realisation was the composite 
cycle engine (CCE), operating a piston topping cycle [7].

The internal combustion engine was the primary power unit in air-
craft propulsion up to the dawn of the jet age. Although gas turbines 
subsequently became the dominant technology, the pursuit of higher 
thermal efficiency and lower environmental impact has renewed inter-
est in advanced engine concepts and combustion strategies [16,17]. In 
this context, the concept of combining a piston engine with the Brayton
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\begin {equation}p_{mf,crankshaft} = p_{mf,seal} + p_{mf,bear} + p_{mf,turb}, \label {Xeqn37-A.1}\end {equation}


\begin {equation}p_{mf,seal} = 1.22 \cdot 10^5 \cdot \frac {d_b}{n_c \cdot s \cdot d^{2}}, \label {Xeqn38-A.2}\end {equation}


$d_b$


$n_c$


$d_b = 0.62 \cdot d$


$l_b = 0.4 \cdot d_b$


$l_b$


\begin {equation}p_{mf,bear} = 3.03 \cdot 10^{-4} \cdot \frac {N \cdot d_b^3 \cdot l_b \cdot n_b}{d^2 \cdot s \cdot n_c}, \label {eq:bear}\end {equation}


$N$


$n_b$


\begin {equation}p_{mf,turb} = 1.35 \cdot 10^{-10} \cdot \frac {d_b^2 \cdot N^2 \cdot n_b}{n_c}. \label {Xeqn40-A.4}\end {equation}


\begin {equation}p_{mf,piston} = p_{mf,skirt} + p_{mf,ring} + p_{mf,gas} + p_{mf,conrod}. \label {Xeqn41-A.5}\end {equation}


\begin {equation}p_{mf,skirt} = 2.94 \cdot 10^2 \cdot \frac {\bar {v}_p}{d}, \label {Xeqn42-A.6}\end {equation}


\begin {equation}p_{mf,ring} = 4.06 \cdot 10^4 \cdot \left ( 1 + \frac {1000}{N} \right ) \frac {1}{d^2}, \label {Xeqn43-A.7}\end {equation}


\begin {equation}p_{mf,gas} = 6.89 \frac {p_i}{p_a} \left (0.088 \epsilon + 0.182 \epsilon ^{(1.33 - K \bar {v}_p)} \right ), \label {Xeqn44-A.8}\end {equation}


$K = \SI {2.38e-2}{\second \per \meter }$


$p_i$


$d_b = 0.67 \cdot d$


$l_b = 0.39 \cdot d_b$


\begin {equation}p_{mf,valvetrain} = p_{mf,cbearing} + p_{mf,follower} + p_{mf,chydro} + p_{mf,cmixed}. \label {Xeqn45-A.9}\end {equation}


$N$


\begin {equation}p_{mf,cbearing} = 2.44 \cdot 10^{2} \cdot \frac {N \cdot n_b}{d^2 \cdot s \cdot n_c} + 4.12, \label {Xeqn46-A.10}\end {equation}


\begin {equation}p_{mf,follower} = 0.005 \cdot \frac {N \cdot n_v}{s \cdot n_c}, \label {Xeqn47-A.11}\end {equation}


$n_v$


\begin {equation}p_{mf,chydro} = 0.5 \cdot \frac {l_{v,max}^{1.5} \cdot n_v \cdot \sqrt {N} }{d \cdot s \cdot n_c} \label {Xeqn48-A.12}\end {equation}


\begin {equation}p_{mf,cmixed} = 10.7 \cdot \left (1 + \frac {1000}{N} \right ) \frac {l_{v,max} \cdot n_v}{s \cdot n_c}, \label {Xeqn49-A.13}\end {equation}


$l_{v,max}$


\begin {equation}p_{mf,aux} = 6.23 + 5.44 \cdot 10^{-3} \cdot N - 1.79 \cdot 10^{-7} \cdot N^2. \label {Xeqn50-A.14}\end {equation}


\begin {equation}p_{mf} = p_{mf, crankshaft} + p_{mf,piston} + p_{mf,valvetrain} + p_{mf,aux}. \label {Xeqn51-A.15}\end {equation}
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Nomenclature

Latin letters
(𝐴∕𝐹 )𝑠𝑡 Stoichiometric air-fuel mass ratio
𝑣̄𝑝 Mean piston speed
𝑚̇ Rate of mass flow
𝑄̇ Rate of heat transfer
𝑊̇ Power
𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 Core power per displacement volume
𝑊̇𝑖𝑛𝑑 Indicated piston power
𝐴 Area
𝐴𝑓𝑙𝑜𝑤 Valve flow area
𝑐𝑐𝑜𝑜𝑙 Turbine cooling technology parameter
𝑐𝐷 Discharge coefficient
𝐶𝑓𝑙 Reaction zone flame temperature calibration factor
𝐶ℎ,1 Heat transfer relation coefficient 1
𝐶ℎ,2 Heat transfer relation coefficient 2
𝐶min Minimum rate of heat capacity
𝑐𝑝 Mass specific heat capacity at constant pressure
𝐶𝑟 Reaction zone temperature coefficient
𝑑 Cylinder bore
𝑑𝑣 Valve diameter
𝑓 Fuel-air ratio
𝑓𝑠 Stoichiometric fuel-air ratio
𝐺𝑟 Reaction zone shape function
ℎ Mass specific enthalpy
𝑖 Cycles per revolution
𝑘 Reaction rate coefficient
𝐾𝑐 Equilibrium constant
𝐿 HPC last stage blade height
𝑙𝑐𝑜𝑛 Connecting rod length
𝑙𝑣 Valve lift
𝑚 Mass
𝑚𝑤 Wiebe shape parameter
𝑛 Revolutions per second
𝑛𝑣𝑎𝑟 Number of optimisation variables
𝑛𝑣 Number of valves
𝑝 Pressure
𝑝max Peak cylinder pressure
𝑄 Heat
𝑄𝑓,𝑡𝑜𝑡 Total added heat during one cycle
𝑄𝑛𝑒𝑡 Lower heating value
𝑅 Specific gas constant
𝑠 Stroke
𝑇 Temperature
𝑇𝑀 Metal temperature
𝑇𝑓𝑙 Flame temperature
𝑈 Internal energy
𝑉 Volume
𝑣 Velocity
𝑉𝑑 Displacement Volume
𝑊 Work
𝑤 Mass specific work

Greek letters
𝛼 Heat transfer coefficient
𝜒𝑃𝑀 Piston module NOx fraction
Δ𝜃𝐶𝐷,𝑑𝑝 Design point combustion duration
Δ𝜃𝐶𝐷 Combustion duration
𝜖 Geometric compression ratio
𝜂0,𝐻𝑃𝐶 Base level HPC polytropic efficiency
𝜂𝑐𝑜𝑜𝑙 Turbine cooling efficiency
𝜂𝑜 Overall efficiency
𝜂𝑝 Propulsive efficiency
𝜂𝑡ℎ Thermal efficiency

Λ LPC-HPC compression split exponent
𝜆 Air-fuel-equivalence ratio
𝜆0 Zone 2 air-fuel-equivalence ratio
𝜆𝑑𝑝 Design point air-fuel-equivalence ratio
𝜙 Fuel-air-equivalence ratio
Π Pressure ratio
𝜏𝑣 Relative valve opening angle
𝜃 Crank angle
𝜀 Heat exchanger effectiveness

Subscripts
𝑐 Cold
𝑐𝑜𝑜𝑙 Turbine cooling flow
𝑐𝑜𝑟𝑒 Engine core
𝑑 Displacement
𝑒 Exhaust
𝐸𝑉 𝐶 Exhaust valve closing
𝐸𝑉 𝑂 Exhaust valve opening
𝑓 Fuel
𝑔𝑎𝑠 Hot gas
ℎ Hot
𝐻𝐸𝑋 Heat exchanger
𝑖 Intake
𝐼𝐶 Intercooler
𝑖𝑑 Ideal
𝐼𝑉 𝐶 Intake valve closing
𝐼𝑉 𝑂 Intake valve opening
𝑗 Station index
𝑚 Motoring
𝑚𝑎𝑥 Maximum
𝑚𝑏 Mean brake
𝑚𝑓 Mean friction
𝑝 Piston
𝑟 Reverse
𝑆𝐶 Start of combustion
𝑉 𝐶 Valve closing
𝑉 𝑂 Valve opening
𝑤𝑎𝑙𝑙, 𝑘 Wall surface 𝑘

Acronyms
ABDC After Bottom Dead Centre
ATDC After Top Dead Centre
BBDC Before Bottom Dead Centre
BPR Bypass Ratio
BTDC Before Top Dead Centre
CCE Composite Cycle Engine
EINOx Emission Index of NOx
FPR Fan Pressure Ratio
HEX Heat Exchanger
HPC High-Pressure Compressor
HPT High-Pressure Turbine
IC Intercooler
IMEP Indicated Mean Effective Pressure
ISA International Standard Atmosphere
LPC Low-Pressure Compressor
LPT Low-Pressure Turbine
NOx Nitrogen Oxides
OPR Overall Pressure Ratio
PM Piston Module
SAF Sustainable Aviation Fuel
TDC Top Dead Centre
ToC Top-of-Climb
TRL Technology Readiness Level
TSFC Thrust Specific Fuel Consumption
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cycle is not new [18], but in the last decade this concept has regained at-
tention due to the increased interest in highly efficient aero engines. The 
2013 patent for a free-double-cylinder design by MTU Aero Engines [19] 
sparked the latest wave of attention. Kaiser et al. presented a first study 
on CCE performance in 2016 [3], predicting an 18.3% improvement in 
efficiency compared to a year 2035 turbofan. Since then, a multitude of 
studies have confirmed the substantial reduction in fuel burn that is pos-
sible with CCE [20–24]. However, a more detailed study that included 
time resolved piston engine performance, and NOx modelling, predicted 
that NOx emissions will be eight times higher at cruise relative to a state-
of-the-art turbofan, with an emission index of 80.5 g/kg [25]. The reason 
is the very high peak pressures and temperatures, combined with local 
nearly stoichiometric combustion. This would likely negate the climate 
benefit of the CCE. However, there are NOx mitigation techniques that 
may reduce NOx emissions to levels of a comparable turbofan. Before 
implementing them, learning how the cycle design variables affect NOx
emissions is crucial.

To the best of the authors’ knowledge, no studies have addressed 
the trade-off between NOx emissions, efficiency and specific power of 
the CCE. The purpose of this study is to fill this gap by presenting a 
systematic investigation of the effect and trends of key design parame-
ters on performance and NOx emissions. Since the lower power density 
of piston engines is expected to increase the engine weight and offset 
some of the expected thermodynamic benefits, the core power per dis-
placement volume is also selected as one of the investigated metrics. A 
parametric study on the effect of the overall pressure ratio, turbine inlet 
temperature, turbomachinery compression split, geometric compression 
ratio, fuel-air ratio, pressure ratio over the piston module, amount of 
intercooling and combustion phasing inside the piston engine is estab-
lished on the thermal efficiency, core power per displacement volume 
and NOx emissions. Pareto fronts are established for designs with and 
without a secondary burner to determine optimal designs with respect to 
thermal efficiency and NOx. The findings suggest that NOx and thermal 
efficiency are positively correlated for most of the design variables inves-
tigated. Hence, to reduce NOx emissions without compromising thermal 
efficiency, new low emission combustion technology needs to be devel-
oped.

The paper is structured in the following way. First, in Section 2, 
the CCE concept, working principle, and theoretical benefits are de-
scribed in detail. Thereafter, in Section 3 the methods and assump-
tions used for the conceptual and system level evaluation are presented 
in detail. In Section 4, a parametric study of the effect of key en-
gine design variables on performance and emissions is presented and 
discussed. The section is continued with a multi-objective optimisa-
tion study in which sets of optimal, non-dominated, designs are found 
with respect to performance and emissions, for architectures with and 
without secondary combustion, for different limitations on displace-
ment volume specific core power. Finally, in Section 5 the conclu-
sions and limitations are presented, and the future research outlook is
proposed.

2. The composite cycle engine

In this section, a detailed description of the CCE is presented. First, 
we outline the theoretical motivation behind the concept. Thereafter, 
the studied CCE architecture and working principle are introduced and 
discussed.

2.1. Theoretical motivation

The rationale behind the CCE concept is that adding heat to the ther-
modynamic cycle is performed more efficiently in a piston engine than 
in a conventional constant pressure combustor. The reason is twofold. 
First, the combustion process inside a cylinder more closely approxi-
mates constant volume heat addition than the constant pressure process 

of a conventional burner, which from a second law perspective is inher-
ently more efficient. Secondly, higher cycle peak pressures and tempera-
tures can be achieved as a result of the cyclic operation of the piston en-
gine. The peak temperature in a conventional turbofan, operating with 
steady-state turbomachinery, is limited by the material and cooling ca-
pabilities of the high-pressure turbine (HPT) stator and rotor, which are 
constantly exposed to a steady flow of high temperature gas exiting the 
burner. However, inside the piston engine cylinder, the heat addition 
is cyclic, meaning that the cylinder walls are cooled with fresh charge 
between each combustion phase. This allows for higher cycle peak tem-
peratures without damaging the cylinder and piston head.

Although piston engines can theoretically achieve higher thermal 
efficiencies than gas turbines, they are not used in civil aviation due 
to their inferior power-to-weight ratios. For the same power plant mass, 
gas turbines achieve substantially higher mass flows, allowing more fuel 
to be combusted and, thus, greater power output. The CCE combines the 
power density of the gas turbine with the thermal efficiency of the piston 
engine. Turbomachinery is used to handle large volume flows in the low-
pressure part of the power plant, whereas the piston-topping cycle is 
located in the high-pressure part of the system to achieve peak pressures 
and temperatures unachievable by turbomachinery alone. Here, the gas 
density is high and the volume flows are small, allowing for a more 
compact piston engine at a given mass flow, reducing the engine weight 
and volume.

2.2. The intercooled crankshaft based CCE

The CCE concept investigated in this paper is illustrated in Fig. 1, and 
in Table 1 the station numbering is defined. It consists of an intercooled 
geared low pressure system with an axial-radial high-pressure compres-
sor (HPC) unit driven by a crankshaft-based piston module (PM). The 
PM is comprised of a dual V12 engine, featuring 24 cylinders, which 
drives the axial-radial compressor via a reduction gearbox. Hence, the 
PM not only combusts fuel and increases the pressure of the working 
gas further, but also drives the HPC, thereby avoiding the need for an 
HPT. The piston-HPC system produces gas power for the low-pressure 
turbine, which in turn drives the low-pressure compressor (LPC) and the 
fan via a reduction gearbox.

An intercooler is placed between the LPC and the HPC, and uses a 
portion of the fan discharge air to cool the intermediate compressor air 
flow. This is beneficial to the cycle by increasing the density of the core 
air, reducing the compression work in the HPC, and at the same time 
reducing the size and weight of the piston engine. Another benefit is 
the reduction of NOx production due to the reduced inlet combustion 
temperature and associated lower flame temperature. The intercooler 

Table 1 
Station numbering of the intercooled CCE.
    Station  Number 
  Free stream  0  
  Inlet entry  1  
  Fan inlet  2  
  LPC inlet  21  
  Intercooler inlet  22  
  HPC inlet  25  
  HPC outlet  3  
  PM inlet  31  
  Aux compressor outlet  33  
  PM outlet  34  
  Burner inlet  35  
  Turbine inlet  4  
  Turbine outlet  5  
  Core nozzle outlet  8  
  Bypass stream inlet  13  
  Bypass nozzle outlet  18  
  Intercooler nozzle outlet  28  
  Oil cooler nozzle outlet  38  
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Fig. 1. The composite cycle engine (CCE) concept, with a rendering of the power plant in the upper half and a conceptual design drawing in the lower half. LPC - 
Low-pressure compressor; HPC - High-pressure compressor.

Fig. 2. The CCE with station numbering showing a conceptual design drawing in the upper half and a schematic defining the modules and their interconnections in 
the lower half. Neither the oil cooler nor its nozzle are shown in the upper figure.

cooling air flows in an auxiliary bypass duct and is ejected in a separate 
nozzle contributing to the generation of thrust. An oil-to-air heat ex-
changer is placed in an additional auxiliary duct. This heat exchanger is 
used as a heat sink for the PM lubrication/coolant oil. Therefore, thrust 
is generated by the core nozzle, the intercooler nozzle, the oil cooler 
nozzle (not shown in Fig. 1), and the bypass nozzle. Buffer volumes 
are placed between the steady-state turbomachinery and the piston in-
let and outlet valves, to suppress pressure fluctuations that arise from 
the intermittent operation of the piston engine. A secondary combustor 
is placed after the piston engine, allowing for variability and increased 
power density at high power setting conditions, such as take-off.

3. Methodology

To assess the thermodynamic performance and the NOx emissions of 
the propulsion system, a thermodynamic system level model has been 
developed. A modular approach was chosen, where the different mod-
ules are connected to ensure the conservation of mass and energy, as 
illustrated in Fig. 2. This section describes the methodology used and 
assumptions made to simulate the components of the propulsion sys-
tem. In addition, a model for the prediction of NOx emissions arising 
from the piston module is presented, calibrated, and validated using 
experimental data. Finally, the whole engine system coupling and mod-
elling approach is explained, with emphasis on the coupling between 
the reciprocating engine and the steady-state turbomachinery.

3.1. Gas properties

The working gas is modelled as an ideal gas mixture, with the compo-
sition varying between dry air and ideal combustion products, governed 
by the fuel-air equivalence ratio, 𝜙 = 𝑓

𝑓𝑠
, where 𝑓 and 𝑓𝑠 are the fuel-air 

ratio and its stoichiometric counterpart, respectively. Dry air is assumed 
to have the following molar composition: 78.1% N2, 21.0% O2, 0.9% Ar. 
The fuel is modelled as C12H23, commonly used to approximate Jet-A, 
with a stoichiometric fuel-air ratio of 𝑓𝑠 = 0.0681 and a lower heat-
ing value of 𝑄𝑛𝑒𝑡 = 43.0MJ/kg, evaluated using the NASA Glenn poly-
nomials [26]. To represent sustainable aviation fuel (SAF), assumed to 
have a slightly higher lower heating value of 44.0MJ/kg, the reported 
fuel flow is corrected by a factor of 43/44. The individual species’ heat 
capacity, enthalpy, and entropy are temperature dependent and repre-
sented by the NASA Glenn polynomials [26]. Hence, the properties of 
the working gas are dependent on temperature 𝑇  and equivalence ratio 
𝜙. Throughout this work, the temperatures and pressures presented are 
total quantities.

By treating the working fluid as a semi-perfect gas, the gas pressure 
inside the cylinder is underpredicted. This is only relevant for the high-
pressure phase inside the PM, as the pressure inside the steady-state 
machinery is below 50bar, where the real gas pressure is less than 1% 
higher than the ideal gas pressure for the relevant temperatures [27]. 
For the piston module, the higher pressure of the real gas would lead 
to a larger work output. A previous study on a similar CCE operating 
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at 250bar peak pressure found that net fuel flow was reduced by 0.2% 
when accounting for real gas compressibility [25]. The present study 
focuses on the design conditions of the CCE, which limits the peak pres-
sure at top-of-climb (ToC) to 150bar. Therefore, for all evaluated points 
in this study the pressures will be below 150bar and given the minor im-
pact on thermal efficiency, we chose not to account for real gas effects. 
Still, this approach is on the conservative side with respect to thermal 
efficiency.

3.2. Steady-state turbomachinery

The axial and axial-radial compressors are modelled by specifying 
their individual pressure ratios and polytropic efficiencies. For a given 
mass flow rate, the compression power is found from the required in-
crease in enthalpy. In the burner, the required injected fuel is calculated 
to reach a specified exit temperature. Additionally, since the burner is 
located downstream of the piston engine, the model accounts for viti-
ated air at its inlet. The intake and bypass duct are modelled adiabat-
ically with specified total pressure losses. The thrust of the engine is 
computed by expanding the air or gas in separate, unmixed, convergent 
nozzles to ambient conditions, or to the throat conditions if choked. The 
nozzles are modelled by specifying the respective discharge and thrust 
coefficients.

The cooling of the low pressure turbine is modelled using an equiv-
alent single stage cooling model, where the cooling air is taken from 
the HPC outlet. The nozzle guide vane cooling air is perfectly mixed 
and fully contributes to the turbine power, whereas the rotor cooling 
air does not contribute to the work performed on the rotor. The mass 
flow of cooling air, 𝑚̇𝑐𝑜𝑜𝑙, is found from the hot gas mass flow, 𝑚̇𝑔𝑎𝑠, and 
the cooling efficiency, 𝜂𝑐𝑜𝑜𝑙, with the following expression:
𝑚̇𝑐𝑜𝑜𝑙
𝑚̇𝑔𝑎𝑠

= 𝑐𝑐𝑜𝑜𝑙
𝜂𝑐𝑜𝑜𝑙

1 − 𝜂𝑐𝑜𝑜𝑙
(1)

where 𝑐𝑐𝑜𝑜𝑙 is a technology parameter. The cooling efficiency is found 
from:

𝜂𝑐𝑜𝑜𝑙 =
𝑇𝑔𝑎𝑠 − 𝑇𝑀
𝑇𝑔𝑎𝑠 − 𝑇𝑐𝑜𝑜𝑙

(2)

with 𝑇𝑔𝑎𝑠 being the hot gas temperature, which is 𝑇4 for the stator and 
𝑇41 for the rotor. Further, 𝑇𝑐𝑜𝑜𝑙 is the cooling air temperature, and 𝑇𝑀
the specified metal temperature limit, assumed to be 1200K for both 
stator and rotor [28]. By calibrating the single-stage model to the refer-
ence engine (see Table 3 for details), a value of 𝑐𝑐𝑜𝑜𝑙 = 0.0875 is found. 
The expansion across the rotor is modelled with a specified polytropic 
efficiency.

Scale corrections of the HPC efficiency are added to account for 
tip-clearance effects [13,29]. The correction uses the final stage blade 
height of the HPC and a base level efficiency, 𝜂0,𝐻𝑃𝐶 , to obtain the cor-
rect polytropic efficiency:

𝜂𝐻𝑃𝐶 = 𝜂0,𝐻𝑃𝐶 +
(

0.0532 − 0.5547
𝐿

− 1.7724
𝐿2

)

(3)

where 𝐿 is the last stage blade height in mm. Blade heights less than 
13mm penalise efficiency, and larger blade heights lead to small ef-
ficiency improvements. The blade height is calculated by assuming a 
hub/tip ratio of 0.925 and exit axial Mach number of 0.254. No correc-
tion is applied to the LPC, as the efficiency variation is expected to be 
less prominent with scaling [29].

3.3. Piston module performance

Thermodynamic performance of the PM is modelled with a spatially 
zero-dimensional, time resolved model, according to the approach out-
lined in [30]. The control volume of the system is taken to be the com-
bustion chamber of the piston engine, which can be visualised in Fig. 3. 
The working medium is assumed to behave as a semi-perfect fluid gov-
erned by the ideal gas equation, which is differentiated with respect to 

Fig. 3. Piston module performance model schematic showing the combustion 
chamber control volume with state variables mass 𝑚, temperature 𝑇 , volume 𝑉 , 
pressure 𝑝 and equivalence ratio 𝜙. Energy transfer through the system bound-
aries is shown with green arrows. Mass transfer with accompanying enthalpy 
transfer through fuel injector, inlet and exhaust valves is shown with blue and 
red arrows. (For interpretation of the references to colour in this figure legend, 
the reader is referred to the web version of this article.)

time to obtain the temporal evolution of the system variables:

𝑝𝑉̇ + 𝑉 𝑝̇ = 𝑚𝑅𝑇̇ + 𝑚𝑇 𝑅̇ + 𝑅𝑇 𝑚̇, (4)

where 𝑉  is the volume of the combustion chamber and 𝑚 represents the 
mass of gas within the system. Further, the conservation of energy is 
written as follows:

𝑈̇ = 𝑄̇ − 𝑊̇ + ℎ𝑖𝑚̇𝑖 − ℎ𝑒𝑚̇𝑒 + ℎ𝑓 𝑚̇𝑓 , (5)

where 𝑈 represents the internal energy of the system, 𝑄 the heat sup-
plied to the system, 𝑊  the work performed by the system, ℎ the specific 
enthalpy. The subscripts 𝑖, 𝑒 and 𝑓 denote the flows through the intake, 
exhaust, and fuel injector.

The change in system volume is driven by a prescribed reciprocating 
motion of the piston, which can be expressed as a function of the rotation 
angle of the crankshaft, 𝜃. One revolution of the shaft results in one full 
piston volume sweep. The total cylinder volume variation with 𝜃 can 
therefore be expressed as [31]:

𝑉 (𝜃) = 𝑉𝑑
[ 1
𝜖 − 1

+ 1 − cos 𝜃
2

+ 𝑠
16 ⋅ 𝑙𝑐𝑜𝑛

(

1 − cos 2𝜃
)

]

, (6)

where 𝜖 is the geometric compression ratio, 𝑠 is the stroke and 𝑙𝑐𝑜𝑛 the 
length of the connecting rod. In this work a connecting rod ratio of 
𝑠∕𝑙𝑐𝑜𝑛 = 0.56 is used, which is a typical value for diesel engines [32].

The mass flow over the intake and exhaust valves is modelled as 
an isentropic gas expansion between two reservoirs with a prescribed 
pressure differential and flow area. The flow area is given by:

𝐴𝑓𝑙𝑜𝑤 = 𝑛𝑣 ⋅ 𝑑𝑣 ⋅ 𝑐𝐷 ⋅ 𝜋 ⋅ 𝑙𝑣 (7)

where 𝑛𝑣 is the number of valves. Two intake and two exhaust valves 
are used in this work, typical of high-performance engines. In addition, 
the valve diameter is assumed to be:

𝑑𝑣 = 0.75 ⋅ (
√

2 − 1) ⋅ 𝑑 (8)

which is a 75% filling ratio of the piston head. Valve losses are pre-
scribed by specifying a corresponding discharge coefficient, 𝑐𝐷, where 
0.8 is used in this work in agreement with [30]. The variation of 𝐴𝑓𝑙𝑜𝑤
comes from the valve lift 𝑙𝑣, which is determined by the valve timings 
and the lift profile. The opening and closing of the valve takes 25% of 
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the total valve open duration:

𝑙v(𝜃) = 𝑙v,max ⋅

⎧

⎪

⎪

⎨

⎪

⎪

⎩

1
2

(

1 − cos
(

𝜋⋅𝜏𝑣(𝜃)
0.25

))

, 𝜏𝑣(𝜃) < 1∕4

1, 1∕4 < 𝜏𝑣(𝜃) < 3∕4
1
2

(

1 − cos
(

𝜋⋅(1−𝜏𝑣(𝜃))
0.25

))

, 3∕4 < 𝜏𝑣(𝜃)

(9)

where

𝜏𝑣(𝜃) =
𝜃 − 𝜃𝑉 𝑂

𝜃𝑉 𝐶 − 𝜃𝑉 𝑂
(10)

is the relative opening angle. In Eq. (10), 𝜃𝑉 𝑂 is the valve opening an-
gle, and 𝜃𝑉 𝐶 is the valve closing angle. The maximum valve height is 
assumed to be 10% of the bore, 𝑙𝑣,𝑚𝑎𝑥 = 0.1 ⋅ 𝑑. In this work, the follow-
ing valve timings have been used: 𝜃𝐼𝑉 𝑂 = 1°BTDC, 𝜃𝐼𝑉 𝐶 = 13.1°ABDC, 
𝜃𝐸𝑉 𝑂 = 27.5°BBDC and 𝜃𝐸𝑉 𝐶 = 10°ATDC where subscripts 𝐸 and 𝐼 de-
note exhaust and intake. A and B stand for after and before, respectively, 
with BDC and TDC referring to bottom- and top-dead-centre. The tim-
ings were found by optimisation of the thermal efficiency of the piston 
engine for representative conditions.

The heat release from combustion is modelled to coincide with the 
fuel mass injection, simulating direct injection compression ignition, 
where the ignition delay is not modelled. The rate of heat release is 
prescribed by a single Wiebe function:
𝑑𝑄𝑓

𝑑𝜃
=

𝑄𝑓,𝑡𝑜𝑡

Δ𝜃𝐶𝐷
⋅ 𝑎 ⋅ (𝑚𝑤 + 1) ⋅ 𝜏𝑚𝑤

𝑤 ⋅ exp
(

−𝑎 ⋅ 𝜏𝑚𝑤+1
𝑤

)

(11)

where

𝜏𝑤 =
𝜃 − 𝜃𝑆𝐶
Δ𝜃𝐶𝐷

. (12)

A combustion efficiency of 99.9% is prescribed, which results in a coef-
ficient 𝑎 = 6.908 [33]. The magnitude of the heat-release curve is given 
by the total added heat, 𝑄𝑓,𝑡𝑜𝑡, obtained from a specified fuel-air ratio. 
In addition, the shape of the curve is defined by the shape factor, 𝑚𝑤, 
the duration of combustion, Δ𝜃𝐶𝐷, and the start of combustion, 𝜃𝑆𝐶 .

The gas composition inside the cylinder is governed by the fuel-air 
equivalence ratio 𝜙, which varies both by mass transfer through the 
intake and exhaust valves and by fuel injection. Mathematically, the 
change of equivalence ratio with respect to crank-angle is written as:
𝑑𝜙
𝑑𝜃

=
1 + 𝜙 ⋅ 𝑓𝑠

𝑚

(

𝜙𝑖 − 𝜙
1 + 𝜙𝑖 ⋅ 𝑓𝑠

𝑚̇𝑖 −
𝜙𝑒 − 𝜙

1 + 𝜙𝑒 ⋅ 𝑓𝑠
𝑚̇𝑒 +

𝑚̇𝑓

𝑓𝑠

)

, (13)

where 𝜙𝑖 and 𝜙𝑒 are the equivalence ratios of the intake and exhaust 
manifolds, respectively. Equivalent calculations are performed in the 
intake and exhaust manifolds, to track the fuel-air ratio and correctly 
capture backflow across the valves.

Finally, the heat transfer rate between the gas and the walls, 𝑄̇𝑤𝑎𝑙𝑙, 
is modelled using Newton’s law of cooling, summed over each wall sur-
face:

𝑄̇𝑤𝑎𝑙𝑙 = 𝛼
∑

𝑘
𝐴𝑤𝑎𝑙𝑙,𝑘(𝑇 − 𝑇𝑤𝑎𝑙𝑙,𝑘), (14)

where 𝐴𝑤𝑎𝑙𝑙,𝑘 and 𝑇𝑤𝑎𝑙𝑙,𝑘 denote the area and temperature of wall 𝑘, re-
spectively. For the present concept 𝑘 represents the piston crown, the 
cylinder wall and the cylinder head wall, see Fig. 3. The heat transfer 
coefficient is computed using a semi-empirical model proposed by Ho-
henberg [34]:

𝛼 = 𝐶ℎ,1 ⋅ 𝑉
−0.06 ⋅ 𝑝0.8 ⋅ 𝑇 −0.4 ⋅ (𝑣̄𝑝 + 𝐶ℎ,2)0.8, (15)

with coefficients 𝐶ℎ,1 = 130, 𝐶ℎ,2 = 1.4m/s and 𝑣̄𝑝 is the mean piston 
speed, defined as the average piston speed during one cycle. In this 
study, the temperature of the cylinder wall is set to 500K, limited by the 
breakdown of the lubricating oil. The unlubricated surfaces, the cylin-
der head and piston top, are set to 600K around the operating limit for 
aluminium alloys and in accordance with previous studies  [25,35].

3.4. Averaged properties

The integration of the time-resolving piston model into a conven-
tional turbomachinery steady-state performance model requires aver-
aging. Since the temperature of the gas leaving the exhaust valve is 
varying, the mass average outlet enthalpy is calculated as:

ℎ(𝑇34, 𝜙34) −
∫ ℎ𝑒𝑑𝑚𝑒

∫ 𝑑𝑚𝑒
= 0, (16)

where 𝜙34 is the mass average equivalence ratio in the exhaust. The 
average exhaust outlet temperature is iterated until Eq. (16) is satisfied. 
In addition, the indicated piston power, 𝑊̇𝑖𝑛𝑑 , is the total pressure work 
over the cycle divided by the cycle period, Δ𝑡𝑐𝑦𝑐𝑙𝑒:

𝑊̇𝑖𝑛𝑑 =
∫ 𝑝𝑑𝑉
Δ𝑡𝑐𝑦𝑐𝑙𝑒

. (17)

Finally, the heat transfer through the walls is also time averaged:

𝑄̇𝑤,𝑎𝑣𝑔 =
∫ 𝑄̇𝑤𝑑𝑡
Δ𝑡𝑐𝑦𝑐𝑙𝑒

. (18)

The resulting system of ordinary differential equations is numerically 
integrated in the crank-angle domain using the LSODA method [36,37], 
implemented in SciPy [38], with both relative and absolute tolerances 
set to 10−8. Since LSODA is an adaptive-step solver, the crank-angle 
resolution varies automatically throughout the cycle to satisfy these tol-
erances, rather than using a fixed step size. The simulation is advanced 
over successive engine cycles until a periodic solution is reached, de-
fined as the relative variation over three consecutive cycles of the in-
cylinder properties and key performance integrals (𝑊̇𝑖𝑛𝑑 , 𝑇34, 𝑄̇𝑤,𝑎𝑣𝑔 , 
and mass flow) falling below 10−5.

For a more detailed description and cross-validation of the model, 
see [39].

3.5. Mechanical losses

The calculated indicated piston power, 𝑊̇𝑖𝑛𝑑 , does not account for 
any mechanical losses. Semi-empirical relations, proposed by Patton et 
al. [40], are used to model friction. First, it is convenient to normalise 
the indicated power with the cylinder displacement volume, obtaining 
the indicated mean effective pressure:

IMEP =
𝑊̇𝑖𝑛𝑑

𝑖 ⋅ 𝑛 ⋅ 𝑉𝑑
(19)

where 𝑖 is the number of cycles per revolution (0.5 for four-stroke oper-
ation and 1 for two-stroke), and 𝑛 is revolutions per second. All friction 
values are expressed as the mean effective friction pressure, 𝑝𝑚𝑓 . The 
actual power available at the shaft is then given by the mean effective 
brake pressure:
𝑝𝑚𝑏 = IMEP − 𝑝𝑚𝑓 , (20)

which can be converted into power similarly to Eq. (19).
The total mean effective friction pressure is composed of the differ-

ent friction contributions of all piston engine components. Correlations 
are given for crankshaft rotation, piston movement, valvetrain motion, 
and auxiliary losses. Each friction component accounts for the different 
types of friction, such as sealing friction, hydrodynamic friction, turbu-
lent dissipation in the lubricating oil, piston ring friction, etc. For the 
full equations, see the Appendix A.

3.6. Heat exchangers

The intercooler and oil cooler heat-exchanger (HEX) performance is 
computed for a specified effectiveness, defined as:

𝜀 =
𝑄̇𝐻𝐸𝑋

𝑄̇𝐻𝐸𝑋,𝑚𝑎𝑥
(21)
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where 𝑄̇𝐻𝐸𝑋 is the HEX heat-transfer rate and 𝑄̇𝐻𝐸𝑋,𝑚𝑎𝑥 is the theo-
retical maximum attainable heat-transfer rate for a given temperature 
difference between the hot and cold streams [41]. The heat transfer rate 
can be calculated as follows:
𝑄̇𝐻𝐸𝑋 = 𝜀𝐶𝑚𝑖𝑛(𝑇ℎ,𝑖 − 𝑇𝑐,𝑖), (22)

where 𝐶min = min(𝑚̇𝑐𝑐𝑝,𝑐 , 𝑚̇ℎ𝑐𝑝,ℎ) is the minimum heat capacity rate of 
the hot and cold sides with input temperatures 𝑇ℎ,𝑖 and 𝑇𝑐,𝑖. For the en-
gine oil cooler, a heat capacity ratio of one (𝑚̇𝑐𝑐𝑝,𝑐 = 𝑚̇ℎ𝑐𝑝,ℎ) is assumed. 
In the intercooler, the ratio between the cooling air and core air mass 
flows is a design variable. All of the core air is always passing the in-
tercooler, whereas a variable amount of cooling air is used. The inter-
cooling ratio can be understood as how big the intercooler is, with a 
larger ratio meaning more cooling air, greater temperature drop of the 
core air and larger pressure losses. The effectiveness is fixed as a design 
parameter for both heat-exchangers and set to 𝜀 = 0.7 for the air-to-
air intercooler, the optimum value found in a previous CCE study [20]. 
For the oil cooler, a higher effectiveness is expected for a compact air-
to-liquid heat-exchanger, hence 𝜀 = 0.9 is used. The pressure losses are 
modelled by prescribing a loss relative to the inlet total pressure. For the 
intercooler it varies linearly with the amount of intercooling between 0 
and 7% on both sides of the intercooler. This value is deemed adequate 
for the type of air-to-air heat-exchanger that is assumed for the present 
work, and is based on earlier work on cross-flow intercoolers for aero en-
gines [42] where pressure losses between 5% and 7.5% were reported. 
In the oil cooler, 5.7% pressure loss is assumed on the air side, according 
to previous work [25].

3.7. Mixing

Mixing of two separate gas flows occurs after the PM, before the 
secondary combustor, since air is allowed to bypass the PM if the mass 
flow through the cylinders does not match the core flow. The PM by-
pass stream, 𝑚33, is compressed to the same pressure as the PM exhaust 
by the auxiliary compressor, which is powered by the PM. The losses 
that arise from the mixing of the two flows are included in the auxiliary 
compressor efficiency. Conservation of energy gives the temperature af-
ter mixing:

ℎ35(𝑇35, 𝜙35) =
𝑚33ℎ33 + 𝑚34ℎ34

𝑚35
, (23)

where 𝑇33 is the PM bypass stream temperature and 𝑇35 is found by 
iteration. 𝜙35 is the fuel-air equivalence ratio based on the mixed mass 
stream 𝑚35 and is obtained from conservation of mass of the combustion 
end products. When the turbine is cooled, 𝑚35 is not equal to the entire 
core flow, since the cooling air is removed.

3.8. Nitrogen oxides emissions

Nitrogen oxides are produced both in the piston engine and in the 
secondary combustor. In the piston engine, NOx production is modelled 
using chemical kinetics inside a reaction zone obtained from a semi-
empirical two-zone model. For the conventional constant pressure com-
bustor an empirical correlation that represents a future lean direct in-
jection system [43] is used.

3.8.1. Two-zone model
Since NOx production is sensitive to local temperature and oxygen 

content, the spatial variation of these properties must be captured to 
accurately predict NOx emissions from the PM. Therefore, a two-zone 
model, developed by Heider et al. [44], has been implemented. The 
model captures the temperature and chemical composition behind the 
flame front, which differs from the spatially averaged values of the en-
tire cylinder volume. Taking the pressure, temperature, and fuel-air ra-
tio of the single-zone calculation as input, the model is implemented as 
a post-processing method. An illustrative representation of the model is 

Fig. 4. The two-zone model used to obtain the mass and temperature of the 
NOx reaction zone, Zone 2. Direct injection combustion shown to the left and a 
schematic of the model to the right. Mass transfers from Zone 1 to Zone 2 during 
combustion according to a specified stoichiometry.

provided in Fig. 4. Before fuel injection and combustion, the entire cylin-
der volume is occupied by an air-fuel mixture that defines the unburned 
region (zone 1). When the combustion process is initiated, the reaction 
zone is initialised and grows as the combustion progresses, which de-
fines the burnt region (zone 2). As combustion progresses, the mass of 
the unburned region is transferred to the burnt zone. Locally in the flame 
region, it is assumed that the mixture is characterised by having an air–
fuel equivalence ratio 𝜆0. Depending on the type of engine, it could be 
different or similar to the cylinder average counterpart 𝜆. The local 𝜆0
is used to calculate the mass of the burnt zone:

𝑚2(𝜃) =
(

𝜆0 ⋅ (𝐴∕𝐹 )𝑠𝑡 + 1
)

⋅ ∫

𝜃

𝜃𝑠𝑐

𝑑𝑚𝑓 (𝜃)
𝑑𝜃

𝑑𝜃, (24)

here (𝐴∕𝐹 )𝑠𝑡 is the stoichiometric air-fuel mass ratio, where any vitiation 
of the gas prior to combustion is considered, which means that a larger 
mass of air is needed for stoichiometric combustion when the oxygen 
content is lower than that of pure air. 𝜃𝑠𝑐 is the crank angle at which 
combustion begins, and 𝑚𝑓  is the burnt fuel mass. For direct injection 
engines such as the one modelled here, Heider et al. [44] recommend 
𝜆0 = 1.0 for diesel engines with a cylinder bore up to 240mm. Since the 
bore in this work does not exceed 200mm, this value is adopted. The 
difference in temperature between the zones is modelled as:
𝑇2(𝜃) − 𝑇1(𝜃) = 𝐺𝑟(𝜃)𝐶𝑟, (25)

with the coefficient 𝐶𝑟 determining the temperature level of the reaction 
zone at the beginning of combustion,

𝐶𝑟 =
1.2 + (𝜆 − 1.2)0.15

2.2𝜆0
⋅ 𝐶𝑓𝑙 ⋅ 𝑇𝑓𝑙 , (26)

where the flame temperature 𝑇𝑓𝑙 is calculated with NASA CEA [45] us-
ing Jet-A as fuel, and 𝐶𝑓𝑙 is a calibration factor. The shape of the temper-
ature difference is based on the difference between the cylinder pressure 
and the motoring pressure 𝑝𝑚:

𝐺𝑟(𝜃) = 1 −
∫ 𝜃
𝜃𝑆𝐶

[𝑝 − 𝑝𝑚]𝑚2𝑑𝜃

∫ 𝜃𝐸𝑉 𝑂
𝜃𝑆𝐶

[𝑝 − 𝑝𝑚]𝑚2𝑑𝜃
, (27)

where the motoring pressure is the cylinder pressure during unfired op-
eration and is approximated as a polytropic compression. The function 
𝐺𝑟(𝜃) varies between 1 and 0, such that the temperature difference is 
the highest at the beginning of combustion, and decreases to zero at the 
exhaust valve opening 𝜃𝐸𝑉 𝑂. Finally, the pressure is uniform through-
out the volume of the cylinder, and both zones are subject to the ideal 
gas law. During cross-validation, a calibration factor of 𝐶𝑓𝑙 = 0.84 was 
found to agree well with the empirical data and is used throughout this 
work. A similar value of 𝐶𝑓𝑙 = 0.9 was found to agree well with the ex-
perimental data in a previous publication [25], where the difference can 
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be explained by the variation of 𝜆0 in that publication. It should be noted 
that the calibration factor is an engine dependent parameter that might 
be used to represent a class of existing applications. This means that the 
NOx predictions provided in Section 4.3 are not expected to accurately 
represent, in absolute terms, the operation of a future CCE for which no 
design exists. However, they can still provide useful insights on emis-
sion trends that result from the variation of engine design parameters, as 
well as reasonable estimates on the expected emission increase relative 
to state-of-the-art and future conventional turbofan applications.

3.8.2. Chemical kinetics
Nitrogen oxides, NOx, consist of nitric oxide, NO, and nitrogen diox-

ide, NO2. In piston engines, the production of NOx is dominated by 
NO [46], which in compression ignition engines constitutes 70–90% of 
the total NOx [47]. Therefore, we will only model the reaction of NO. NO 
can be formed through different pathways: the prompt NO mechanism, 
from fuel-bound nitrogen and the thermal NO mechanism. Prompt NO 
is formed in the flame front itself, via the Fenimore mechanism. In typ-
ical engine combustion, only 5–10% [33] of the NO is formed through 
this mechanism. For combustion of fuels with chemically bound nitro-
gen, such as coal, this nitrogen is a principal source of NOx emissions 
[48]. Diesel and kerosene, however, hardly contain any nitrogen, and 
NO from this pathway is expected to be even less than the prompt NO. 
Since both these pathways are of the order of magnitude smaller and fall 
within the minimum prediction uncertainty of thermal NO predictions, 
we neglect both fuel and prompt NO in accordance with literature [47].

The dominant pathway for NO creation in piston engines is the ther-
mal pathway [35], which produces NO by oxidation of diatomic nitro-
gen. It can be formed via two mechanisms: the Zeldovich mechanism 
and the N2O-intermediate pathway. The N2O-pathway is mainly signif-
icant for lean fuel-air mixtures in combination with low temperatures 
that repress the formation of thermal NO through the Zeldovich mech-
anism [33]. However, it is a three-body reaction, which means it is 
pressure dependent [47] and has been found to make important con-
tributions to the production of nitrogen oxides for pressures over 60bar 
encountered inside diesel engines [49]. In this study, we have neglected 
the N2O pathway, which probably leads to underprediction of NO emis-
sions formed during the highest pressures inside the cylinder. We ac-
knowledge this limitation to the study, but since all interesting CCE de-
signs operate with peak pressures well above 60bar, we believe the error 
will be systematic and that the trends will still be captured, since the NO 
emissions will be underpredicted for all designs.

Therefore, we only consider thermal NO formed by the extended 
Zeldovich mechanism:

O∙ + N2
k1
←←←←←←←←←←→NO + N∙, (28)

N∙ + O2
k2
←←←←←←←←←←→NO + O∙, (29)

N∙ + OH
k3
←←←←←←←←←←→NO + H∙. (30)

Here, 𝑘1, 𝑘2 and 𝑘3 are the forward reaction rate coefficients, taken from 
the GRI-Mech 3.0 chemical kinetics mechanism [50]. The production of 
thermal NO is relatively slow, with the rate being limited by Eq. (28) 
due to the stable triple bond of N2. For the temperatures and pressures 
encountered inside the combustion chamber, the kinetics of the chemi-
cal reaction is slow relative to the physical time scales of the flow field, 
and hence chemical equilibrium cannot be assumed [51]. Since the for-
ward reactions (29) and (30) are orders of magnitude faster than (28), 
the N produced in the first reaction is immediately converted in the sec-
ond and third reaction, and the concentration of atomic nitrogen can 
therefore be assumed to be quasi-steady:
𝑑[N]
𝑑𝑡

≈ 0. (31)

Combining reactions (28)–(30) with the quasi-steady approximation, 
one obtains the following equation for the change in nitric oxide con-

centration:
d[NO]
dt

= 2 k1 [O] [N2] − 2 k1,𝑟 [NO] [N]. (32)

Here, the concentration of atomic nitrogen is given by:

[N] =
k1 [O] [N2] + k2,𝑟 [NO] [O] + k3,𝑟 [NO] [H]

k1,𝑟 [NO] + k2 [O2] + k3[OH]
, (33)

where the reverse reaction rates have the subscript 𝑟. These are calcu-
lated with the equilibrium constant, 𝐾𝑐 , determined by the difference in 
Gibbs free energy of the corresponding reactions [33]. Lastly, the con-
centration of oxygen atoms, [O], is calculated from the OHC-system, 
Eqs. (34)–(38).

H2 2 H, (34)

O2 2 O, (35)

H2O
1
2  H2 + OH, (36)

H2O
1
2  O2 + H2, (37)

CO2 CO + 12  O2. (38)

These reactions are orders of magnitude faster than the Zeldovich 
mechanism, and thus chemical equilibrium can be assumed [52], with 
the equilibrium concentrations obtained from Cantera [53].

To obtain the amount of NO produced in the piston engine, Eq. (32) 
is integrated in time using LSODA [36,37] with relative tolerance 10−12 
and absolute tolerance 10−10, inside the reaction zone of the two-zone 
model from the start of combustion until the opening of the exhaust 
valves. When calculating the mass flow of NOx, it is assumed that all 
NO is in the form of NO2, therefore multiplying the mass flow of NO by 
1.53, according to the definition of the emission index of NOx [54].

3.8.3. Secondary combustor
The production of nitrogen oxides in the constant pressure combus-

tor is estimated through an empirical correlation for a future lean direct-
injection combustion system [43]. The correlation predicts the emission 
index of NOx, defined as grams of NO2 emitted per kilogram of fuel 
consumed [54]:

EINOx
= 7.55 ⋅ 10−3 ⋅ 𝑇4 ⋅

( 𝑝35
3027

)0.37
exp

(

𝑇35 − 817
192

)

(39)

where 𝑇35 and 𝑝35 are the combustor inlet temperature (in degrees K) 
and the pressure (in kPa). 𝑇4 is the temperature of the outlet of the 
combustor in degrees K. Note that this is an empirical correlation and is 
therefore not dimensionally homogeneous. The values of 𝑇4, 𝑇35, and 𝑝35
must be given in the units specified above. Note also that the correlation 
was developed for fresh air entering the combustor. For CCEs, the inlet 
air will be vitiated, reducing NOx emissions. Yet, the 𝑇4 may be lower 
than normally associated with the correlation, which could artificially 
reduce the predicted NOx, introducing another uncertainty regarding 
the accuracy of the model. Therefore, the effect of the secondary burner 
correlation is investigated in the sensitivity study in Section 4.5.

Further, the piston engine NOx model was developed for conven-
tional diesel engine combustion, whereas the NOx correlation for the 
secondary combustor is valid for a future lean direct-injection combus-
tion system. This comparison will be to the disadvantage of the PM since 
the NOx technology levels of the two systems are not the same. Never-
theless, in the CCE cycles with high thermal efficiency, most of the fuel 
will be burned in the PM and the total NOx production of the propul-
sion system is dominated by the PM. For both high-efficiency points on 
the Pareto front in the multi-objective optimisation in Section 4.4, more 
than 95% of the fuel is combusted in the PM. The high-efficiency part of 
the Pareto front is therefore not sensitive to the secondary burner NOx
correlation, which is why we use the correlation without any modifica-
tion. Hence, we believe that the general trends of the CCE system are 
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Table 2 
Main specifications of the experimental engine and heat re-
lease parameters used for validating the NOx model.
    Parameter  Value 
  Bore 𝑑 (mm)  80.26 
  Stroke (mm)  88.90 
  Geometric compression ratio 𝜖 (-)  19.81 
  Revolutions per minute (1/min)  2500  
  Intake valve opening (◦ BTDC)  8  
  Intake valve closing (◦ ABDC)  42  
  Exhaust valve opening (◦ BBDC)  60  
  Exhaust valve closing (◦ ATDC)  12  
  Start of combustion (early injection) 𝜃𝑆𝐶 (◦ BTDC)  10  
  Combustion duration (early injection) Δ𝜃𝐶𝐷 (◦)  39.5  
  Shape parameter (early injection) 𝑚𝑤 (-)  1.50  
  Start of combustion (late injection) 𝜃𝑆𝐶 (◦ BTDC)  8  
  Combustion duration (late injection) Δ𝜃𝐶𝐷 (◦)  40.25 
  Shape parameter (late injection) 𝑚𝑤 (-)  2.50  

captured, for a PM system without any advanced NOx mitigation tech-
nologies. It does affect the comparison with the reference cycle, and the 
effect of an advanced low-NOx combustion system would be interesting 
to see.

3.9. Validation of the NOx model

The NOx model is cross-validated and calibrated with publicly avail-
able experimental and simulation data from Rakopoulos et al. [55]. Ex-
haust NO emission data are presented from a single cylinder, four-stroke, 
water cooled experimental engine, operating as a naturally aspirated di-
rect injection diesel engine. In Table 2, the main specifications of the 
experimental engine are presented together with the parameters used 
for the heat release profile.

The experimental engine has a smaller bore than the CCE PM and 
operates at lower intake pressures and temperatures. Further, it runs 
on diesel rather than kerosene. Despite this, the dataset was selected as 
the best available cross-validation case, since it provides time-resolved 
pressure, temperature, and NO measurements across multiple injection 
timings and loads. The major difference between kerosene and diesel is 
the lower cetane number of diesel, resulting in a longer ignition delay. 
However, at medium to high load, a similar combustion performance 
is expected to be achievable in compression ignition engines [56]. Fur-
ther, the NOx emissions are also not expected to deviate significantly 
between the two fuels. It was found in [57] that running a diesel en-
gine on kerosene increased fuel consumption by 2% for the same NOx
emissions. Regarding the operating conditions, the CCE PM will operate 
at significantly higher inlet pressures and temperatures than the vali-
dation engine. However, the maximum temperatures will actually not 
exceed the peak temperature in the experimental data. The peak pres-
sure reaches 150bar in this study, compared to 90bar in the validation 
data, which is a source of uncertainty. This connects to the discussion in
Section 3.8.2, about the potential underprediction of NOx due to the 
high pressures during combustion. Adding to that, the omission of real-
gas effects will underestimate the highest pressures. Using a model cal-
ibrated at lower pressures than during CCE operation is therefore ex-
pected to result in an underestimation of NOx emissions. Since all CCE 
designs of interest, see for example the three points on the Pareto front, 
operate at high peak pressures, the error is estimated to be systematic 
and the correct trends are anticipated to be obtained. To further assess 
the uncertainty of the NOx model and the calibration factor, a sensitivity 
study is presented in Section 4.5.

Data from two measurement series for different injection timings, 
20° and 15° crank angle before TDC, are used for cross-validation and 
calibration. Delaying the injection, relative to the timing for peak ef-
ficiency, leads to a decrease in peak pressure and temperature, with 
an associated reduction of NOx. However, this also results in a reduc-
tion in thermal efficiency. The experimental pressure data for 80% load 

Fig. 5. Time resolved cylinder pressure, temperature and NO concentration for 
20° and 15° BTDC injection timing at 80% load for the validation case. In the top 
figure the results from our model are shown in comparison to the experimental 
data. In the middle and bottom figures, our simulation data is compared with 
validation data from the reference paper [55].

are compared with the computed data in Fig. 5-top. Additionally, in 
Fig. 5-middle and bottom, the calculated mean temperature and con-
centration of NO are compared with simulation data available in the 
original paper [55]. The two-zone model flame temperature calibration 
factor was adjusted to match the NO concentration and was found to 
be 𝐶𝑓𝑙 = 0.84. An overall good agreement of all three properties can be 
observed, but with a noticeable difference in peak temperatures, where 
the maximum relative difference is about 3%. The reason for this differ-
ence is thought to be related to the heat transfer model that underpre-
dicts the heat loss. In the present work, it was deemed more important 
to match the experimental pressure curve rather than their simulated
data.

To cross-validate the variation of NO emissions with operating con-
ditions, the exhaust concentration was validated at three load points 
for each injection timing. In each measurement sweep, the engine was 
operated at 40%, 60% and 80% load. To account for the variation in 
the air-fuel-equivalence ratio, the combustion duration was modified 
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Fig. 6. Exhaust nitric oxide mass concentration of the validation case for three 
different loads, with the blue curve showing 20◦ injection timing and red curve 
15◦ before TDC. Crosses are experimental data and triangles simulation data, 
from the reference [55]. (For interpretation of the references to colour in this 
figure legend, the reader is referred to the web version of this article.)

according to:

Δ𝜃𝐶𝐷 = Δ𝜃𝐶𝐷,𝑑𝑝 ⋅
(𝜆𝑑𝑝

𝜆

)0.6

(40)

where 𝜆𝑑𝑝 is the air-fuel-equivalence ratio at the design point at 80% 
load. Δ𝜃𝐶𝐷,𝑑𝑝 is the combustion duration at the design point and the 0.6 
exponent was proposed by [33] for diesel-type engines. Note that this 
correction of the combustion duration is only applied during the vali-
dation, since it represents the change in the combustion duration when 
deviating from a known design point. During the parametric study and 
optimisation, we assume that the injection system can be designed to 
achieve the given heat release curve at each evaluated cycle. The differ-
ent load cases are represented by their indicated mean effective pressure 
(see Eq. (19)) and the resulting predictions of the nitric oxide mass con-
centration of the exhaust are shown together with the experimental data 
in Fig. 6. As can be observed, good agreement is achieved, with a max-
imum deviation of 18% for the data point with the lowest NO value. 
Most importantly, the trend is captured in a satisfactory way.

3.10. CCE system model

The components described in the previous sections are combined in 
a system model for the entire propulsion system. A schematic of the 
system model was already presented in Fig. 2, where the lower half of 
the figure shows a wiring diagram of the engine model incorporating 
the different modules and their interconnections. Fig. 2 also defines the 
station numbering used throughout this study.

To cater for a straightforward comparison with the reference engine, 
the fan pressure ratio is set to 1.47 which is the same value as used 
for the reference engine [24]. The same fan diameter, 2.24m, is also 
applied, such that the specific thrust of the fan stream is unchanged. To 
maintain the specific thrust, an iteration in the bypass ratio (BPR) of the 
CCE is performed. Furthermore, the pressure ratios over the LPC and the 
HPC are obtained from the specified OPR, the core fan pressure ratio, 
𝐹𝑃𝑅𝑐𝑜𝑟𝑒, and the LPC-HPC compression split exponent, Λ, defined as:

Π𝐿𝑃𝐶 =
(

𝑂𝑃𝑅
𝐹𝑃𝑅𝑐𝑜𝑟𝑒

)Λ
(41)

Π𝐻𝑃𝐶 =
(

𝑂𝑃𝑅
𝐹𝑃𝑅𝑐𝑜𝑟𝑒

)(1−Λ)
(42)

with 0 ≤ Λ ≤ 1. Note that a pressure gain from the piston engine inlet 
to its outlet is possible and that the OPR here only refers to the turbo-
machinery pressure ratio. The remaining design variable for the Joule-

Brayton cycle that is varied in the study is the turbine inlet temperature, 
𝑇4.

The design parameters of the piston topping cycle are the fuel-air 
ratio, 𝑓 , the compression ratio, 𝜖, and the outlet-to-inlet pressure ratio, 
Π𝑝. The cylinder bore, 𝑑, is used as an iteration variable to match the 
power required to drive the high-pressure compressor. It is not required 
that the mass flow through the piston module matches the core flow. 
Therefore, some air is allowed to bypass the topping cycle, requiring 
additional compression by an auxiliary compressor if there is a pressure 
rise over the piston module. Since the mass flow through the piston mod-
ule is an output of the performance calculations, the amount of piston 
bypass air is not known beforehand. The power requirement of the pis-
ton engine is set by the power needed to drive the HPC, the auxiliary 
compressor, the fuel and oil pumps, and to provide any required power 
off-take. The piston head and cylinder are cooled using lubrication oil, 
where the mass flow of the coolant is selected in accordance with a heat 
capacity ratio of one in the oil-to-air engine cooler.

Regarding the degradation of efficiency in HPC and LPT due to PM 
pressure fluctuations, we assume that efficiency losses can be kept be-
low 0.05%, thus negligible, for both HPC and LPT using buffer volumes, 
according to assumptions in [25]. This assumption may be justified for 
this purely thermodynamic cycle study where large volumes can be as-
sumed. For future studies where flow paths and buffer volume will be 
sized, this assumption may have to be revised.

3.10.1. Cycle performance metrics
To quantify the performance of the cycle and the different sub-

systems, and allow for comparison and reproducibility, performance 
metrics must be well defined. We are primarily interested in improve-
ments in thermal efficiency, i.e. the ability of the engine to convert 
chemical power in the fuel into kinetic power in the exhaust gases, de-
fined as:

𝜂𝑡ℎ =
1
2

(

∑

𝑗 𝑚̇𝑗𝑣2𝑗𝑖𝑑 − 𝑚̇0𝑣20
)

𝑚̇𝑓 ⋅𝑄𝑛𝑒𝑡
, (43)

where 𝑚̇0 is the intake mass flow, 𝑣0 is the flight speed and the outlet ki-
netic power is summed over all nozzles, 𝑗, and is based on the ideal noz-
zle velocities, 𝑣𝑖𝑑 . The thermal efficiency is a good metric for comparing 
the CCE with a turbofan since it is identically defined for both engines 
and captures the energy conversion efficiency of the engine core. The 
ideal velocity is obtained from the enthalpy difference between the total 
enthalpy in the nozzle 𝑗, ℎ𝑗,𝑡, and the static enthalpy ℎ𝑗,𝑠, which would 
be obtained after an isentropic expansion to ambient pressure:

𝑣𝑗,𝑖𝑑 =
√

2 ⋅𝑤𝑗,𝑖𝑑 =
√

2 ⋅ (ℎ𝑗,𝑡 − ℎ𝑗,𝑠), (44)

where 𝑤𝑗,𝑖𝑑 is the theoretical maximum specific work that could be ob-
tained from the ideal expansion from the state ℎ𝑗,𝑡 to ambient conditions. 
The maximum extractable power from the state 𝑗 is given by 𝑚̇𝑗 ⋅𝑤𝑗,𝑖𝑑 , 
where 𝑚̇𝑗 is the mass flow at the station with state 𝑗. The difference in 
maximum extractable power between the state 𝑐𝑜𝑟𝑒 and the inlet is used 
to define the engine core power:
𝑊̇𝑐𝑜𝑟𝑒 =

(

𝑚̇𝑐𝑜𝑟𝑒𝑤𝑐𝑜𝑟𝑒,𝑖𝑑 − 𝑚̇21𝑤0,𝑖𝑑
)

, (45)

where 𝑐𝑜𝑟𝑒 is a theoretical state that is obtained in the LPT after only 
powering the core itself, i.e., the inner fan and the LPC. The core power is 
a metric of how much gas power is available to the low pressure system 
and the core nozzle. A very important metric of the CCE is the core 
power per total cylinder displacement volume, defined as:

𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 =
𝑊̇𝑐𝑜𝑟𝑒
𝑉𝑑

, (46)

where 𝑉𝑑 is the total displacement volume of the PM. 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑  is a mea-
sure of displacement-based thermodynamic power density, used here as 
a proxy for the compactness of the engine core.
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Table 3 
Performance data of the reference year 2035 
TRL6 geared turbofan engine at ToC.
    Parameter  Value 
  BPR (-)  12.0  
 𝑇4 (K)  1704  
  OPR (-)  51.89 
  TSFC (mg/Ns)  13.74 
  Mass flow (kg/s)  249  
  Specific thrust (m/s)  109  
 EINOx

 (g/kg fuel)  13.35 
  Thrust specific NOx (mg/Ns)  0.184 
 𝑊̇𝑐𝑜𝑟𝑒 (MW)  9.37  
 𝑤̇𝑐𝑜𝑟𝑒 (kJ/kg)  489  
 𝜂𝑡ℎ (%)  49.4  
 𝜂𝑝 (%)  79.1  
 𝜂𝑜 (%)  39.1  
  LPC pressure ratio (-)  2.8  
  HPC pressure ratio (-)  13.8  
  HPT cooling ratio (-)  0.200 
  LPT cooling ratio (-)  0.020 
  HPC last stage blade height (mm)  14.94 

4. Results and discussion

In this section, the effect of principal cycle design parameters on 
engine performance and NOx emissions is investigated. A parametric 
study is presented, where multiple variable sweeps have been performed 
around a baseline cycle design of a medium range engine at ToC. To put 
the results in context, a reference conventional geared turbofan engine, 
of similar technology level, is used for comparison. Details of the ref-
erence engine are presented in Section 4.1. The baseline configuration 
is presented in Section 4.2 and the results of the parameter sweeps are 
shown in Section 4.3. In Section 4.4, the results of a multi-objective op-
timisation are presented. To finalise the section, the effect of the main 
assumptions on the results is put forward in a sensitivity analysis in
Section 4.5.

4.1. Reference gas turbine

The reference engine is a geared turbofan for a medium range air-
craft, assumed to be available for a TRL6 year 2035 concept, used as a 
common reference in the EU project MINIMAL. It is based on the year 
2050 engine from project ULTIMATE [58], with updated assumptions 
for year 2035 and is supported by historical trends and the consensus 
of the MINIMAL project industrial and academic partners. Performance 
data is listed in Table 3 for ToC. For comparison, the same component 
efficiencies are used for the reference and the CCE, and are presented in 
Table 4. Note that the NOx value of the reference engine stems purely 
from the main combustor. For the reference engine and the baseline 
CCE, the thrust specific fuel consumption (TSFC) is reported along with 
the thermal efficiency to put the results in perspective.

4.2. Baseline composite cycle engine

During the parametric study, the parameters were varied around a 
baseline cycle, designed to be a representative CCE which gives rise to 
insightful trends. The baseline CCE is not intercooled, to isolate the ef-
fect of OPR variations from the temperature drop as a result of intercool-
ing. Intercooling is instead investigated in a dedicated sweep. Therefore, 
the baseline cycle should not be viewed as an optimal cycle, but rather 
a cycle in which meaningful trends are observed when the design vari-
ables are varied.

At this early design stage, we limited the cycle evaluation to a sin-
gle design point. ToC is chosen for this single-point evaluation since it 
is typically the most aero-thermally demanding condition of sustained 
operation. It is also representative of cruise, since it occurs at essen-
tially the same altitude and flight conditions as the subsequent cruise 

Table 4 
CCE and reference geared turbofan technology parame-
ters.
    Parameter  Value  
  Mach (-)  0.78  
  Altitude (m)  10,668  
 Δ𝑇  ISA (K)  10  
  Net thrust (kN)  27.141  
  Specific thrust (m/s)  109.1  
  Power off-take (kW)  150  
  Intake pressure recovery (%)  99.7  
  Outer fan pressure ratio (-)  1.47  
  Inner fan pressure ratio (-)  1.34  
  Fan isentropic efficiency (%)  91.8  
  LPC polytropic efficiency (%)  89.3  
  Inter compressors pressure loss (%)  1.29  
  HPC polytropic efficiency (%)  90.1  
  HPC efficiency for 13mm (%)  89.93  
  Combustion efficiency (%)  99.9  
  Burner total pressure ratio (-)  0.971  
  HPT polytropic efficiency (%)  89.35  
  LPT polytropic efficiency (%)  92.11  
  Bypass nozzle total pressure ratio (-)  0.990  
  Core nozzle total pressure ratio (-)  0.985  
  Nozzle thrust coefficients (-)  0.990  
  Nozzle discharge coefficients (-)  0.950  
  Shaft efficiency (%)  99.5  
  Gearbox efficiency (%)  99.5  
  Intercooled-CCE specific
  Intercooler hot-side pressure loss (%)  0.00–7.00 
  Intercooler cold-side pressure loss (%)  7.00  
  Intercooler effectiveness (-)  0.7  
  Oil cooler pressure loss cold side (%)  5.7  
  Oil cooler effectiveness (-)  0.9  
  Oil cooler nozzle pressure ratio (-)  0.990  
  Intercooler nozzle pressure ratio (-)  0.990  
  Auxiliary compressor efficiency (%)  85  
  Mean piston speed (m/s)  14  
  Bore-to-stroke ratio (-)  1.0  

segment, just with a higher thrust demand. The feasibility of the engine 
at take-off is still ensured, as the limits on peak cylinder pressure and 
PM exhaust temperature at ToC are derived and scaled from take-off 
conditions, based on earlier work [25].

For a fair comparison, the same component efficiencies were applied 
to the CCE cycle and the reference geared turbofan cycle. The technol-
ogy assumptions specific for the CCE are listed in Table 4 for the design 
point. One main difference between the reference and the CCE is the ab-
sence of an HPT in the CCE architecture. The specific work in the CCE 
LPT will be higher due to the smaller core mass flow. Comparing the 
cycle with the highest efficiency found from the multi-objective optimi-
sation in Section 4.4, cycle C, with the reference, we see that the specific 
work is 702 kJ/kg compared to 532 kJ/kg. However, the total LPT power 
is actually lower, with 9.29MW versus 10.18MW. The 32% increase in 
specific work will lead to 1.2 more stages for a constant stage loading. 
During a new conceptual design, with the radii of the stages slightly in-
creased, we can probably reduce the additional stages to one. The fact 
that we intend to keep the same stage loading, and that the CCE LPT is 
uncooled for the high-efficiency designs, makes it more comparable to 
the LPT of the reference rather than the HPT. This justifies the use of the 
same LPT efficiency as the reference. The effect of the additional stage 
will have to be further investigated in a future full mission fuel burn 
assessment, where first-order mass estimations and flow sizing should 
be carried out.

The mean piston speed is defined by the stroke length and rota-
tional speed of the engine, with the highest value found for diesel en-
gines in the literature being 14m/s [35]. To obtain the highest out-
put power per displacement volume, the maximum value was assumed 
for all simulation points. A fixed bore-to-stroke ratio of unity is as-
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Table 5 
Baseline design variables and performance metrics at 
ToC for the CCE. NOx values are NO2-equivalent mass, 
see Section 3.8.2.
    Design parameter  Value  
  OPR (-)  24  
  LPC-HPC compression split Λ (-)  0.25  
  Geometric compression ratio 𝜖 (-)  8  
  Fuel-air-ratio piston engine (%)  3.25  
 𝑇4 (K)  1250  
  PM pressure ratio Π𝑝 (-)  1.1  
  Intercooling ratio (-)  0  
  Start of combustion 𝜃𝑠𝑐 (°)  355  
  Output  Value  
  TSFC (mg/Ns)  12.58  
 𝜂𝑡ℎ (%)  53.81  
 𝜂𝑜 (%)  42.70  
 𝑊̇𝑐𝑜𝑟𝑒 (MW)  8.90  
 𝑤̇𝑐𝑜𝑟𝑒 (kJ/kg)  758.18 
 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑

 (kW/litre)  80.40  
  BPR (-)  20.20  
  Piston bore 𝑑 (mm)  180  
  Number of cylinders (-)  24  
  Piston module rotational speed (1/min)  2327  
  Total piston module displacement (litres)  110.8  
 𝑇34 (K)  1218.6 
 𝑇35 (K)  1132.5 
 𝑝max (bar)  147.7  
 𝑇max (K)  2165.6 
  PM shaft power (MW)  4.19  
  PM heat loss (MW)  2.18  
  PM mechanical friction (kW)  366.9  
  Auxiliary compressor power (kW)  55.9  
  PM fuel fraction (-)  0.879  
  PM NOx fraction (-)  0.939  
  PM flow fraction (-)  0.787  
 EINOx

 (g/kg fuel)  95.39  
  Thrust specific NOx (mg/Ns)  1.20  
  HPC last stage blade height (mm)  16.33  

sumed, meaning that the stroke varies with the bore to match the power
requirement on the high-pressure spool. To represent the heat addition 
inside the PM cylinders, typical direct injection combustion values of 
𝑚𝑤 = 2, 𝜃𝑆𝐶 = 355°, and Δ𝜃𝐶𝐷 = 50° [35] were used.

The baseline CCE design parameters and performance are presented 
in Table 5. Note the almost 9% improvement in the thermal efficiency 
of the CCE compared to the reference geared turbofan, even though the 
CCE cycle was not optimised. However, this improvement is associated 
with a more than six-fold increase in NOx emissions.

4.3. Parametric study

All design parameters in Table 5 were systematically varied in the 
parametric study, to investigate the effect on thermal efficiency 𝜂𝑡ℎ, 
thrust-specific NOx emissions and core power per displacement volume 
𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 . The results of the variation of the first seven variables are pre-
sented in Fig. 7 as carpet plots, where each line represents a constant 
design variable. On the x-axis, the core power per piston displacement 
volume, 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 , is shown, and the y-axis indicates the thrust specific 
emissions of NOx. The contour plot inside the carpet shows the thermal 
efficiency of the cycle, and the baseline CCE cycle is marked with a cross. 
Designs violating any constraints are shown with the grey areas. The ef-
fect of each variable is discussed in the following subsections. In each 
sweep, OPR was varied simultaneously with one other design parame-
ter. Co-varying OPR with each parameter best highlights the trade-off 
between efficiency, emissions, and power density, as OPR strongly af-
fects all of them.

The feasible design space was limited by three constraints on en-
gine output parameters. Firstly, the peak pressure of the cylinder is lim-
ited by the mechanical strength of the piston engine, with the limit set 

at 250bar during take-off. This was assumed to be a reasonable upper 
bound based on peak pressures achieved in research engines [59]. With 
measures to reduce the peak pressure, 𝑝max, at take-off, such as variable 
valve timing and injection delay, this corresponds to peak pressures of 
150bar at ToC [25]. There is an uncertainty regarding the transferabil-
ity of this limit from a heavy-duty automotive diesel to a TRL6 2035 
aircraft engine, and therefore the impact of this limit on the CCE cycle 
is investigated in Section 4.5. Secondly, the exhaust temperature of the 
piston engine at take-off is limited by the temperature capabilities of the 
outlet valves. Nickel-based valves can operate up to around 1300K [60] 
and in combination with ceramic coatings, an exhaust temperature limit 
of 1350K was considered achievable. At ToC, this corresponds to 1250K 
based on a previous study on a four-stroke CCE [25]. Finally, the bore 
was limited to 200mm due to the structural constraints of the engine 
core. Note that the double V12 engine architecture is kept for all de-
signs. The displacement volume only changes through variation of the 
bore and stroke.

4.3.1. Effect of turbine inlet temperature
In the first sweep, the turbine inlet temperature, 𝑇4, was varied be-

tween 1200K and 1500K, with the turbomachinery OPR swept from 12 
to 26. The turbomachinery OPR is defined as the ratio between the total 
pressure after the HPC and before the fan, while 𝑇4 is controlled by vary-
ing the amount of fuel burnt in the secondary combustor. The results of 
this study are presented in Fig. 7(a). The cycle is limited at high OPR by 
the peak cylinder pressure reaching 150bar, due to the increased inlet 
pressure to the PM, indicated by the grey area in the top of the plot. In 
the lower left corner, for low OPR and 𝑇4, the cycle is limited by the 
bore size exceeding 200mm. This is caused by the decrease of the spe-
cific PM power with a smaller OPR due to the lower inlet pressure, in 
combination with an increase in the power demand on the PM due to 
the lower 𝑇4. This is because a lower 𝑇4 decreases the specific thrust of 
the core for a fixed OPR, leading to a smaller BPR to match the net thrust 
requirements. Smaller BPR means larger core mass flow, increasing the 
power required to drive the HPC.

The results show that turbomachinery OPR strongly correlates with 
thermal efficiency for a given 𝑇4, but also increases NOx. This is caused 
by the higher inlet temperature and pressure of the piston engine, in-
creasing the production of NOx within the PM. In addition, decreasing 
𝑇4 at constant OPR increases efficiency as less fuel is injected into the 
secondary burner, causing a larger fraction of the fuel to burn in the 
PM, which occurs at higher pressures. The core power per displacement 
volume increases with OPR but increases even more with 𝑇4. Higher 
OPR increases the air density into the PM, producing more power per 
displacement volume. Increasing 𝑇4, on the other hand, reduces the core 
size due to the higher BPR, and hence reduces the PM size as well. At 
the same time, the specific core power increases from the increased 𝑇4, 
leading to a net increase in power per displacement volume.

4.3.2. Effect of piston module compression ratio
The second sweep consisted of varying the piston engine compres-

sion ratio 𝜖 from 6 to 12 and changing the OPR from 12 to 26. In a 
typical piston engine, 𝜖 is a strong driver of thermal efficiency, since it 
drives the pressure ratio of the cycle. In the CCE, only a portion of the 
total pressure increase of the cycle takes place in the cylinder during the 
compression stroke, leading to a more complex relation. In Fig. 7(b), the 
resulting carpet plot is presented. The lower limit for 𝜖 is caused by the 
bore exceeding 200mm, as the specific power output decreases with a 
lower 𝜖. At higher OPR, the PM inlet pressure increases, allowing for a 
lower 𝜖. The upper limit on 𝜖 is set by the peak pressure within the PM, 
which means that the maximum allowed 𝜖 decreased for higher OPR.

As in the OPR-𝑇4 sweep, the OPR is the main driver of thermal ef-
ficiency. Thermal efficiency increases slightly with 𝜖 at lower compres-
sion ratios before decreasing at higher values. This is due to the de-
crease in the outlet temperature of the PM with increasing compression 
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Fig. 7. Thermal efficiency, NOx emissions (NO2-equivalent mass) and core power per displacement volume as function of OPR and six other design variables. (a) 
Effect of turbine inlet temperature, 𝑇4. (b) Effect of compression ratio, 𝜖. (c) Effect of fuel-air-ratio 𝑓 . (d) Effect of intercooling ratio. (e) Effect of piston pressure 
ratio, Π𝑝. (f) Effect of compression split exponent, Λ. The baseline cycle is represented with a black cross and the infeasible design space is shaded in grey.

ratio, which leads to more fuel being added to the secondary combus-
tor to achieve the specified 𝑇4. The decrease in PM fuel consumption is 
outweighed by the increase in the constant pressure burner. However, 
NOx emissions decrease and the core power per displacement volume in-
creases with 𝜖, which is beneficial. The reason is that the PM produces 
more power per displacement volume with increasing compression ra-
tio, leading to smaller PM with accompanying lower mass flow. This 
also leads to lower NOx emissions, as the PM mass flow decreases faster 
than the change in NO concentration in the exhaust.

4.3.3. Effect of piston module fuel-air-ratio
In the third sweep, the effect of the fuel-air ratio, 𝑓 , inside the PM 

cylinder was investigated for different OPRs. In our simulations, 𝑓 is 
a fixed quantity that governs the mass of fuel injected for a given air 
flow, directly affecting specific power, peak pressure, and maximum and 
outlet temperatures. For this study, 𝑓 was varied between 3% and 4% 
and OPR was varied between 12 and 26. The results are presented in 
Fig. 7(c). In addition to the limits on peak pressure and bore size, the 
fuel-air ratio is also limited by the exhaust temperature of the PM, 𝑇34, 
exceeding 1250K. This is represented by the grey area on the right side 
of the plot.

At constant PM inlet conditions, an increase in 𝑓 leads to a higher 
maximum temperature and pressure inside the cylinder. The effect of 

this is clearly seen in the figure, since NOx, 𝜂𝑡ℎ, and 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑  all increase 
with higher 𝑓 . For an OPR below 24, 𝑓 is limited by the exhaust tem-
perature of the PM. Since the inlet temperature to the PM increases with 
OPR the maximum allowable 𝑓 decreases with OPR. However, for OPR 
equal to 24 and above, it is the peak pressure that is the constraint. The 
highest thermal efficiency is found right in the intersection of the peak 
pressure and exhaust temperature limit. A high 𝑇34 is beneficial for the 
present CCE setup, as less fuel must be added to the secondary burner 
to achieve the specified 𝑇4.

4.3.4. Effect of intercooling
Intercooling is an enabling technology for the CCE [20,61]. The syn-

ergy between intercooling and the CCE is obtained by cooling down the 
core stream, increasing the air density and the specific work of the PM, 
hence decreasing its size and weight. The intercooler is located after the 
LPC and the core-air is cooled by a fraction of the fan discharge air. The 
spent cooling air is ejected in a separate nozzle and is used to produce 
additional thrust. In the study, to vary the amount of intercooling, the 
ratio between the cooling mass flow and the core flow is varied, de-
noted IC ratio in Fig. 7(d), where the results are presented. A higher 
mass flow of cooling air leads to a greater temperature drop in the core 
for a fixed effectiveness. The cooling mass flow was swept such that the 
ratio was varied between 0 and 1. The OPR was again swept between 

Aerospace Science and Technology 180 (2027) 113892 

13 



A. Johansson, A. Lundbladh, T. Grönstedt et al.

12 and 26, with the maximum temperature drop increasing with higher 
OPR, since the LPC outlet temperature increases and the fan discharge 
air temperature is constant.

The results show that intercooling increases the displacement vol-
ume specific power of the core, and at the same time reduces NOx, for 
all OPR. This comes at the cost of thermal efficiency, since pressure 
losses are introduced and heat is removed from the higher pressure core 
to the lower pressure bypass duct. Intercooling becomes more benefi-
cial at higher OPR from the increased temperature difference between 
cooling and core air, resulting in a larger density increase and a higher 
increase in core power per displacement volume.

4.3.5. Effect of outlet-to-inlet piston module pressure ratio
In the fifth study, the exit-to-inlet pressure ratio of the PM, Π𝑝, was 

varied from 0.9 to 1.5 for an OPR sweep between 18 and 25. Note that 
the OPR does not include Π𝑝. In Fig. 7(e) the results of this study are 
shown.

It is clear that an increase in Π𝑝 leads to a higher thermal efficiency, 
since the pressure at the turbine inlet increases together with an in-
creased 𝑇34, reducing fuel injected in the secondary burner. This is be-
cause the gas is compressed inside the cylinder before being pushed 
out through the exhaust valves, increasing the effective exhaust tem-
perature. Since the PM produces both shaft power and additional gas 
compression, the bore needs to increase to produce the required out-
puts. This limits the achievable Π𝑝 due to the 200mm bore constraint. 
For an OPR larger than 21.5, it is the exhaust temperature constraint of 
1250 K that limits Π𝑝 rather than the bore size. In addition, increasing 
Π𝑝 reduces the core power per displacement volume due to the increased 
volume of the cylinder that is required to now provide shaft and addi-
tional gas compression power. NOx is observed to increase both due to 
the larger PM size and due to the fact that more fuel is being added in 
the PM instead of the constant pressure burner.

4.3.6. Effect of LPC-HPC compression split
The sixth and final parametric sweep studied the compression split 

between the LPC and HPC, Λ. For Λ = 0 the turbomachinery compres-
sion is only performed by the HPC, while for increasing Λ more com-
pression takes place in the LPC. It is noted that for this particular study 
we set the intercooling ratio to unity. Effectively, an increase in Λ also 
increases the amount of intercooling since the temperature difference 
between the cooling and core air increases for a higher pressure ratio 
in the LPC, hence Λ has a direct contribution to intercooling and this 
effect should also be investigated. The results of the present study are 
presented in Fig. 7(f). Note that, since intercooling was not considered 
for the baseline cycle, this point cannot be identified in the carpet plot.

Performing all the compression work in the HPC, without violating 
the 200mm bore constraint, is only possible for an OPR of 23 and above, 
since the specific power of the PM decreases with decreasing OPR. At 
the same time, since the PM loading decreases with increasing Λ, the re-
quired displacement volume also decreases, which leads to an increase 
in core power per displacement volume 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 . The second constraint 
of peak pressure exceeding 150bar is reached for the combination of 
the highest OPR and Λ. This is because the inlet temperature to the PM 
decreases with increasing Λ due to intercooling, resulting in a lower ini-
tial temperature during heat addition. Since the heat capacity is lower at 
lower temperatures, the total increase in temperature inside the cylinder 
during combustion is greater for colder inlet air. For a partial isochoric 
heat addition process, the ratio between the peak and the initial tem-
perature also increases, causing the peak pressure to increase. This, in 
addition to lower heat losses from the lower inlet temperature, leads to 
an optimum in thermal efficiency at a non-zero Λ. A counteracting effect 
is that a higher Λ loads the LPT more and the PM less, shifting the heat 
addition from the PM to the secondary burner. Regarding NOx emis-
sions, they increase with decreasing Λ since the higher HPC pressure 
ratio increases PM loading.

Table 6 
Summary table of the effect of the design 
parameters on the cycle metrics.
 Design parameter 𝜂𝑡ℎ NOx 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑

 OPR ⇑ ⇑ ⇑

𝑇4 ⇓ ⇓ ⇑

𝜖 ⇑⇓ ⇓ ⇑

𝑓 ⇑ ⇑ ⇑

 Intercooling ratio ⇓ ⇓ ⇑

Π𝑝 ⇑ ⇑ ⇓

Λ ⇓ ⇓ ⇑

𝜃𝑆𝐶 ⇓ ⇑⇓ ⇓

4.3.7. Effect of start of combustion
The Wiebe heat release curve is a simplification of real combustion, 

but can give insights into how one would want to design the heat re-
lease profile. In practise, the start of combustion, 𝜃𝑆𝐶 , can be controlled 
by varying the injection timing. In reality, the combustion duration and 
shape would be affected by the start of combustion, but to isolate the 
effect of 𝜃𝑆𝐶 , they were kept constant. The start of combustion was var-
ied between 335° and 380° crank angle, i.e. from 25° before TDC to 20° 
after. In Fig. 8, the results of the sweep are presented. Note the very 
narrow feasible design space between the 𝑝max limit on the left and the 
PM exhaust temperature 𝑇34 limit on the right. Earlier combustion leads 
to higher peak pressures and a retarded heat addition decreases the PM 
shaft work and increases the outlet temperature. Further to the right the 
bore limit is reached, since the PM power output per displacement vol-
ume decreases. We can see in Fig. 8(a) that the peak thermal efficiency 
is obtained for early combustion, even though 𝑇35 increases for later 
combustion, which decreases the fuel burn in the secondary burner. An 
optimised combustion strategy would probably try to reach a high peak 
pressure and outlet temperature simultaneously. A small peak for the 
displacement specific core power, 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 , is seen at 340° and dimin-
ishing towards later heat addition, explained by the growing cylinder 
volume. The NOx emissions on the other hand reach a maximum a bit 
later than peak efficiency, before decreasing sharply around 370°. This 
can be understood from the larger displacement volume and accompa-
nying mass flow towards late combustion, increasing the total amount 
of NOx even though the concentration in the PM exhaust actually de-
creases after 340°.

Finally, to summarise the parametric study, the direction of influ-
ence of each design variable is provided in Table 6. An upwards arrow 
indicates a positive correlation, a downwards arrow symbolises negative 
correlation, and both up and down mean the trend is not monotonous.

4.4. Multi-objective optimisation

The design variables and insights from the parametric study were 
used to define a multi-objective optimisation problem. Here, the propul-
sion system is optimised with respect to thermal efficiency and thrust 
specific NOx emissions to obtain a set of optimal, non-dominated solu-
tions, which define a Pareto front. This was performed with the NSGA-II 
genetic algorithm [62] available in the pymoo framework [63], using 
pymoo’s default operators: simulated binary crossover (distribution in-
dex 15, probability 0.9) and polynomial mutation (distribution index 
20, probability 1∕𝑛𝑣𝑎𝑟), with 𝑛𝑣𝑎𝑟 being the number of optimisation vari-
ables. The optimisation variables and their ranges are presented in Ta-
ble 7, together with the optimisation constraints. In addition to the de-
sign variables investigated in the variable sweeps, the combustion du-
ration Δ𝜃𝐶𝐷 and combustion shape parameter 𝑚𝑤 were added to the 
optimisation variables. All variable limits have been set so that the high-
efficiency designs do not result in design variables on the bounds. The 
exception is the intercooling ratio, whose bounds are set by physical lim-
its. Since the effectiveness is fixed for the intercooler and both media are 
air, the heat transfer is limited by the core mass flow when the cooling 
mass flow exceeds it. Therefore, no more intercooling is achieved for 
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Fig. 8. Variation of start of combustion 𝜃𝑆𝐶 around the baseline cycle. (a) Thermal efficiency 𝜂𝑡ℎ and secondary burner inlet temperature 𝑇35. (b) Displacement 
specific core power 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑

 and thrust specific NOx (NO2-equivalent mass). The limits on peak pressure, bore and PM outlet temperature are shown with the vertical 
lines and shaded areas.

Table 7 
Multi-objective optimisation constraints and vari-
able ranges.
 Design parameter  Range
 OPR (-)  10–30
 LPC-HPC compression split Λ (-)  0.0 - 0.5
 Compression ratio 𝜖 (-)  4 - 15
𝑓 piston engine (%)  2 - 5
𝑇4 (K)  1000 - 1600
 PM pressure ratio Π𝑝 (-)  0.9 - 2.0
 Intercooling ratio (-)  0.0 - 1.0
 Start of combustion 𝜃𝑠𝑐 (°)  340 - 390
 Combustion duration Δ𝜃𝐶𝐷 (°)  20 - 100
 Combustion shape parameter 𝑚𝑤 (-)  0.5 - 5.0
 Constraint  Condition
𝑝max (bar) < 150
𝑇34 (K) < 1250
𝑑 (mm) < 200

 Output  Target
𝜂𝑡ℎ (%)  Maximise
 Thrust specific NOx (mg/Ns)  Minimise

IC ratios above 1, setting the upper bound. Constraints are set on the 
piston peak pressure, piston exhaust temperature and cylinder bore, all 
enforced as hard limits with no tolerance band.

The hypervolume of the solution was used as the convergence indica-
tor, the criterion being an increase of less than 0.1% over 10 generations. 
The hypervolume reference point was set to (−𝜂𝑡ℎ,NOx) = (−0.35, 1.5), 
corresponding to a thermal efficiency of 35% and a thrust-specific NOx
of 1.5mg/Ns, chosen to be worse than every converged, feasible de-
sign evaluated during the optimisation. For three different seeds, con-
vergence to the same solution surface was reached after approximately 
250 generations for a population size of 200. The converged hypervol-
umes for the different seeds were: 0.283, 0.281 and 0.282.

In Fig. 9 the thermal efficiency and NOx emissions of all evaluated 
data points are shown, with the points coloured by the piston fuel split, 
which gives an indication of the fuel fraction used in the PM, which is a 
proxy for the PM load. The Pareto front is coloured red, indicating the 
optimal solutions. Infeasible solutions, where the constraints in Table 7 
were violated, were rejected and are shown with greyed-out crosses. If 
the cycle simulation failed to converge for a given candidate design, 
that point was marked as constraint-infeasible and assigned a thermal 
efficiency of 0% and a thrust-specific NOx of 999mg/Ns, ensuring that it 
was excluded from the Pareto front. Additionally, the reference geared 
turbofan is shown with a yellow cross for comparison.

Table 8 
Three points of interest on the Pareto front.
 Parameter  A  B  C
 OPR (-)  10.00  18.90  19.56
Λ (-)  0.50  0.50  0.319
 Compression ratio 𝜖 (-)  14.99  10.64  9.55
𝑓 piston engine (%)  3.07  3.25  3.62
𝑇4 (K)  1173.7  1131.2  1100.6
 PM pressure ratio Π𝑝 (-)  1.00  1.80  1.88
 Intercooling ratio (-)  1.00  1.00  0.99
𝜃𝑆𝐶 (°)  363.1  356.6  356.3
Δ𝜃𝐶𝐷 (°)  99.9  94.5  53.2
𝑚𝑤 (-)  2.27  2.05  1.55
𝜂𝑡ℎ (%)  42.47  52.26  55.63
 Thrust specific NOx (mg/Ns)  0.039  0.184  1.052
𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑

 (kW/litre)  59.51  60.0  66.06
 BPR (-)  12.90  16.56  17.79
 Bore (mm)  199.77  197.4  191.6
 Displacement volume (litres)  150.27  145.0  132.55
𝑇34 (K)  1122.1  1244.9  1248.7
𝑇35 (K)  730.9  1096.9  1093.1
𝑝max (bar)  126.12  146.46  149.6
𝑇max (K)  1596.9  1714.7  2105.6
 PM shaft power (MW)  2.25  2.99  3.90
 PM heat loss (MW)  0.966  1.84  2.11
 PM mechanical friction (kW)  351.1  424.4  379.9
 Auxiliary compressor power (kW)  3.57  417.5  547.5
 PM fuel fraction (-)  0.487  0.959  0.992
 PM NOx fraction (-)  0.469  0.927  0.998
 PM flow fraction (-)  0.382  0.731  0.683

The NOx emissions increase non-linearly with efficiency improve-
ments, with a significant increase seen above 52% efficiency. A clear 
trend with higher piston fuel split for higher thermal efficiency is also 
seen. Three points were selected in the Pareto front for the purpose of 
comparison: A is the one with the lowest NOx, B the cycle with the same 
NOx as the reference and C is the highest 𝜂𝑡ℎ point. For these cycles, the 
design variables and performance metrics are presented in Table 8.

One general trend that can be observed from the three points is that 
OPR, 𝑓 and Π𝑝 increase with higher 𝜂𝑡ℎ. Further, Λ, 𝜖, 𝑇4, 𝜃𝑆𝐶 , Δ𝜃𝐶𝐷 and 
𝑚𝑤 decrease with increasing 𝜂𝑡ℎ. The higher efficiency designs seem to 
achieve peak pressures close to the 150bar limit and 𝑇34 approaching 
the 1250K limit. This leads to designs where 𝑇35 is almost equal to 𝑇4, 
meaning the secondary burner is essentially not used and all heat ad-
dition takes place in the PM. This is also seen from the larger PM shaft 
power for the high-efficiency designs. The change in 𝜂𝑡ℎ is very large, 
with the range spanning between just over 42% and almost 56%. This 
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Fig. 9. NOx (NO2-equivalent mass) versus thermal efficiency at ToC. All data points from the multi-objective optimisation, with the Pareto front shown in red. The 
data points are coloured by the fraction of total fuel burned inside the piston engine. Reference turbofan marked with a yellow cross. (For interpretation of the 
references to colour in this figure legend, the reader is referred to the web version of this article.)

large variation is explained by the low OPR, low peak pressure and tem-
perature in the PM in combination with no pressure rise over the PM, 
leading to a very low 𝜂𝑡ℎ. The highest efficiency design, however, com-
busts essentially all fuel in the PM, with high OPR, peak pressure and 
temperature, resulting in the big improvement.

Interestingly, the compression ratio 𝜖 is at the upper limit for the 
lowest NOx cycle. That can be understood by the fact that the cycle 
strives for the lowest possible OPR and 𝑇35 to reduce the amount of 
NOx created in the secondary burner, since over 50% of the total NOx
is produced there. Since Λ is at its upper limit, the PM load cannot be 
reduced any further. For the PM to still generate enough power for the 
HPC, either a high 𝑓 or a high 𝜖 is needed. Higher 𝜖 leads to lower 𝑇35, 
which is why it is preferable over higher 𝑓 , which also increases the 
exhaust temperature.

For point C, no design variable except the intercooling ratio is at any 
limit, indicating that an optimal design has been found. The intercool-
ing ratio cannot exceed 1, since that would not bring any benefit to the 
cycle, since the temperature drop would not increase in the core stream. 
Quite surprisingly, intercooling is essentially at its maximum even for 
the high-efficiency designs. This is because the efficiency improvement 
from the decreased PM inlet temperature dominated the increased pres-
sure loss from the intercooler. A lower PM inlet temperature releases the 
bore constraints, reduces wall heat losses and results in a higher peak 
pressure from the same compression ratio and added heat, as discussed 
in Section 4.3.6. This allows other variables to move in a favourable di-
rection, an effect that was not captured in the parametric study. A larger 
intercooler could of course have a greater effectiveness, but that has not 
been investigated in the present study. Additionally, a very large pres-
sure increase over the PM is observed for both points B and C, which 
leads to a large piston size and possibly increased weight. Both effects 
can only be quantified in a full-scope fuel burn mission analysis account-
ing for engine installation effects and size and weight of the intercooler.

Regarding the heat addition, a longer combustion duration with a 
larger shape parameter, 𝑚𝑤, in combination with later start of combus-
tion, seems to correlate with lower NOx emissions. A larger 𝑚𝑤 means 
the heat addition is spread out more evenly during the combustion du-
ration. This all leads to an overall smoother heat addition profile with 
lower peak pressure and temperature. For high efficiency, an earlier 

start of combustion with a short duration and sharper heat release shape 
seems to be preferable. This leads to more heat being added close to the 
top-dead-centre, where the pressure is higher and more similar to con-
stant volume combustion.

Comparing the Pareto front with the reference geared turbofan, we 
see that the CCE achieves a higher 𝜂𝑡ℎ for the same amount of NOx. How-
ever, we need to acknowledge that the uncertainty regarding the NOx
emissions is high and that a higher 𝜂𝑡ℎ does not equal a lower mission 
fuel burn. However, we see that significantly higher 𝜂𝑡ℎ is achievable 
with the CCE compared to the reference turbofan, but at NOx levels that 
would likely be unacceptable without mitigation. This clearly indicates 
that in order to produce an efficient and competitive CCE, additional 
NOx mitigation technology is required.

4.4.1. Optimisation without secondary combustor
To further study the high-efficiency designs, a second optimisation 

was performed on a CCE without the secondary burner, since this was 
found to result in the highest 𝜂𝑡ℎ. This means that 𝑇4 is no longer a design 
variable, but is set to 𝑇4 = 𝑇35. The same constraints and design variable 
limits as in Table 7, except for 𝑇4, were applied.

The result of this optimisation is presented in Fig. 10(a), with the 
design points coloured by the displacement specific core power, 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 . 
The feasible design space is smaller and this architecture only results in 
systems with high efficiency. All feasible designs are between 49.3% and 
56.0% thermal efficiency and thrust specific NOx between 0.07mg/Ns 
and 0.98mg/Ns, compared to the lower limits of 42.5% and 0.04mg/Ns 
with the secondary combustor. The slightly higher maximum thermal 
efficiency comes from the reduction in pressure loss from having the 
secondary combustor turned off, in combination with 𝑇35 = 𝑇4 which 
eased the optimisation.

The 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑  data in Fig. 10(a) show some scatter, but reveal a trend 
with an increase in 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑  further away from the Pareto front. Hence, 
an optimal design from a mission fuel burn analysis probably lies some-
where above the front. The influence of the displacement specific core 
power was therefore assessed by performing multiple optimisations with 
constraints on the displacement specific core power, as can be seen in 
Fig. 10(b). The curves represent the Pareto fronts for different minimum 
constraints on 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 , compared to the unconstrained curve. A higher 
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Fig. 10. NOx (NO2-equivalent mass) versus thermal efficiency at ToC without a secondary combustor. (a) Data points coloured by the core power per displacement 
volume, 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑

, with the Pareto front shown in red. (b) Pareto fronts for different lower limits on 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑
.

minimum specific power results in a shift of the front towards worse 
efficiency and higher NOx emissions. It can be noted that the Pareto 
front gets noticeably smaller for 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 > 110 kW/litre, indicating that 
the design space shrinks for higher requirements on specific power and 
that even the lowest efficiency designs result in substantially more NOx. 
The unconstrained Pareto optimal results favoured lower displacement 
specific power. A higher specific power must be traded for the other 
objective metrics, which indicates that the mission fuel burn optimal 
design probably lies outside of the original Pareto front.

4.5. Sensitivity study

Since there are uncertainties and assumptions connected with the 
variables used in the modelling, a sensitivity study has been performed 
to assess the effect of changes to the main modelling parameters. The 
NOx model has been calibrated against a diesel engine operating at dif-
ferent pressures, temperatures and bore from the CCE engine. Further, 
NOx production is known to be very sensitive to temperature and fuel-
air-ratio. To address the uncertainty in the NOx modelling, a sensitivity 
study was carried out. The flame-temperature calibration factor 𝐶𝑓𝑙, the 
air-fuel ratio of the reaction-zone 𝜆0 and the secondary burner NOx cor-
relation were varied for the three cycles found from the Pareto front:
A, B and C. In Table 9 the percentage change in total NOx emissions is 
shown.

We notice that the NOx production is highly non-linear and that an 
increase in 𝐶𝑓𝑙 has the largest impact on point A. Remember that 𝐶𝑓𝑙 di-
rectly scales the temperature of the reaction zone in the two-zone model. 
In A, which is the lowest NOx point, temperatures in the reaction zone 
are below the threshold for NOx production, which is exponentially tem-
perature dependent. When 𝐶𝑓𝑙 is increased, the temperature surpasses 
the threshold. For the highest efficiency point C on the other hand, the 
effect of increased 𝐶𝑓𝑙 is more modest. Nevertheless, we can clearly see 
the importance of 𝐶𝑓𝑙 on NOx. For B, a 20% reduction of 𝐶𝑓𝑙 would 
actually reduce the NOx by an order of magnitude. We conclude by ac-
knowledging the importance of 𝐶𝑓𝑙, and seeing that for ±10% the NOx
stays on the same order of magnitude. The air-fuel equivalence ratio of 
the reaction zone, 𝜆0, turns out to be less important at A, with a small 
increase of nitrogen oxides at a slightly lean reaction zone, but then the 

Table 9 
Sensitivity analysis of the NOx modelling parameters. Cycles A, B and C from 
the Pareto front. The parameter values are given in column one, except for the 
secondary burner NOx correlation, where the multiplication factor is shown.

 A  B  C
𝐶𝑓𝑙 Δ𝐶𝑓𝑙 (%) ΔNOx (%) ΔNOx (%) ΔNOx (%)
 0.672 −20 −44.5 −84.1 −40.8
 0.756 −10 −36.0 −62.1 −17.3
 0.84 0 0 0 0
 0.924 +10 +126.2 +116.5 +11.5
 1.008 +20 +435.2 +251.5 +19.8

𝜆0 Δ𝜆0 (%) ΔNOx (%) ΔNOx (%) ΔNOx (%)
 1.0  0  0  0  0
 1.01 +1 +1.7 +4.7 +11.5
 1.05 +5 −7.9 −3.1 +45.0
 1.10 +10 −26.3 −35.7 +59.6

 Secondary burner ΔCorrelation (%) ΔNOx (%) ΔNOx (%) ΔNOx (%)
 0.5 −50 −26.6 ±0.0 ±0.0
 1.0  0  0  0  0
 1.5 +50 +26.6 ±0.0 ±0.0

lowered flame temperature decreases the produced NOx. For point C, the 
temperature is already so high, that an increasingly lean reaction zone 
produces more nitrogen oxides from the more available oxygen. Yet, the 
variation does not change the order of magnitude of the results. Finally, 
scaling the secondary burner NOx correlation only affects point A, with 
around half of the change on the correlation, since around half of the 
NOx is produced there. For the high-efficiency cycles, this is negligible.

Two of the most important limits are 𝑝max < 150bar and 𝑇34 <
1250K, which were extrapolated from 𝑝max < 250bar and 𝑇34 < 1350K 
at take-off. This extrapolation was taken from previous studies on a par-
ticular design, and may differ for other cycles with different OPR, in-
tercooling, pressure split, etc. Since the high-efficiency designs lie on 
these constraints, they directly impact the Pareto front. To study this 
impact, four optimisations were carried out with different constraints. 
Two optimisations were carried out with higher limits on peak pressure 
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Table 10 
Sensitivity analysis of piston module performance modelling parameters 
on point B from Pareto front of the multi-objective optimisation. All pa-
rameters were multiplied by the factors in column 2.
    Parameter  Factor Δ𝜂𝑡ℎ (%) ΔNOx (%) Δ𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑

 (%) Δ𝑝max (%) Δ𝑇34 (%)
 𝛼 0.8 +1.89 +7.75 +1.73 +0.56 +1.68
 𝛼 0.9 +0.93 +3.76 +0.86 +0.28 +0.83
 𝛼 1.1 −0.90 −3.59 −0.86 −0.27 −0.81
 𝛼 1.2 −1.77 −6.97 −1.71 −0.54 −1.61

 𝑇𝑤𝑎𝑙𝑙 0.8 −1.49 −12.03 +0.87 −1.20 −1.66
 𝑇𝑤𝑎𝑙𝑙 0.9 −0.75 −6.18 +0.43 −0.60 −0.83
 𝑇𝑤𝑎𝑙𝑙 1.1 +0.77 +6.55 −0.43 +0.59 +0.83
 𝑇𝑤𝑎𝑙𝑙 1.2 +1.55 +13.40 −0.86 +1.18 +1.67

 𝑝𝑚𝑓 0.8 +0.72 −1.01 +3.22  -  -
 𝑝𝑚𝑓 0.9 +0.36 −0.49 +1.60  -  -
 𝑝𝑚𝑓 1.1 −0.36 +0.46 −1.59  -  -
 𝑝𝑚𝑓 1.2 −0.73 +0.81 −3.18  -  -
 𝜀 0.9 −0.20 +8.50 −9.20 −0.63 +0.96
 𝜀 0.95 −0.01 +4.35 −4.74 −0.32 +0.48
 𝜀 1.05 +0.09 −4.39 +5.04 +0.32 −0.48
 𝜀 1.1 +0.17 −8.78 +10.41 +0.65 −0.96

 Δ𝑝𝐼𝐶 0.5 +1.22 −1.28 +7.08 +3.80 ±0.00
 Δ𝑝𝐼𝐶 0.75 +0.61 −0.69 +3.52 +1.90 ±0.00
 Δ𝑝𝐼𝐶 1.25 −0.63 +0.68 −3.47 −1.90 ±0.00
 Δ𝑝𝐼𝐶 1.5 −1.27 +1.45 −6.90 −3.81 ±0.00

Fig. 11. Pareto fronts for NOx (NO2-equivalent mass, see Section 3.8.2) versus 
thermal efficiency at ToC, for different limits on peak pressure, 𝑝max and piston 
module outlet temperature, 𝑇34. The limit not mentioned in the legend was kept 
at its default value.

and PM exhaust temperature and two with lower limits. The results can 
be seen in Fig. 11. The constraints shown in the legend are the limits at 
ToC. Note that the different limits only seem to affect the Pareto front 
for higher 𝜂𝑡ℎ, which is reasonable since it is only then the limits are 
reached. For intermediate 𝜂𝑡ℎ, the limits on 𝑇34 shift the front the most. 
However, for the maximum efficiency designs, the 𝑝max limit seems to 
have the larger impact. Varying 𝑝max ±50bar changes maximum 𝜂𝑡ℎ by 
(+1.48%, −2.60%) and 𝑇34 ±100K changes maximum 𝜂𝑡ℎ by (+0.69%, 
−1.57%).

A final sensitivity study was undertaken to quantify the effect of the 
PM and intercooler parameters on the cycle performance of point B. Five 
parameters were scaled, one at a time, to study the effect on 𝜂𝑡ℎ, NOx, 
𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 , 𝑝max and 𝑇34. The results and the scaling factors are presented in 
Table 10, with all results showing the difference from the unperturbed 
cycle in percentage. Five parameters were investigated: wall heat trans-
fer coefficient 𝛼, cylinder wall temperatures, PM mechanical friction 
𝑝𝑚𝑓 , intercooler effectiveness 𝜀, and intercooler pressure drop Δ𝑝𝐼𝐶 . For 

𝜂𝑡ℎ, the cylinder heat losses were the most important, governed by 𝛼 and 
𝑇𝑤𝑎𝑙𝑙𝑠, followed by IC pressure drop. This indicates the importance of the 
assumed wall temperatures and pressure drop. For NOx, heat losses and 
the effectiveness of the IC were important since they directly impact the 
peak temperature during combustion. For specific core power, the inter-
cooler has the greatest effect, followed by the mechanical losses. More 
losses lead to a larger displacement for the same power output. The im-
pact on 𝑝max and 𝑇34 was small, except for the IC pressure drop on peak 
pressure. To summarise, the effect in general from these parameters was 
smaller than the effect of NOx model parameters on the prediction of the 
emissions.

Of these parameters, the most uncertain are 𝛼 and the mechanical 
friction. The first because heat losses are hard in general to predict, 
and the second because the friction correlation was developed for auto-
motive engines. However, the results show that the effect on the total 
system thermal efficiency is at least within ±1% for ±20% change in 
friction losses.

5. Conclusion and outlook

The present paper investigated the impact of the intercooled CCE 
cycle design parameters on NOx emissions, thermal efficiency, and core 
power per displacement volume. The effects of varying the OPR, ge-
ometric compression ratio, turbine inlet temperature, piston pressure 
ratio, LPC-HPC compression split, fuel-air ratio, intercooling and start 
of combustion have been studied and discussed. The results show that 
NOx and 𝜂𝑡ℎ correlate positively for most of the design variables inves-
tigated, except for 𝜖 and Λ, for which there are optima with respect to 
𝜂𝑡ℎ. Clear trade-offs exist between 𝜂𝑡ℎ and 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑  for 𝑇4, intercooling 
and Π𝑝, essentially trading core compactness for efficiency. OPR and 𝑓
are found to increase both 𝜂𝑡ℎ and 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 , at the cost of NOx emissions.

From the optimisation it was found that for high thermal efficiency, 
the piston-topping cycle should be highly loaded, meaning that all heat 
addition should take place in the piston module, with the secondary 
combustor turned off. In practise, this means that 𝑇4 should be matched 
to 𝑇35 during cruise, and that the secondary burner should only be ig-
nited for high power conditions, such as take-off. For the lower NOx de-
sign points, more heat addition is shifted towards the secondary burner, 
which is detrimental to thermal efficiency and, therefore, not desir-
able. Furthermore, for high thermal efficiency, the fuel-air ratio, the 
compression ratio, the OPR, the compression split exponent, PM pres-
sure ratio and heat release shape should be chosen so that the max-
imum permissible peak pressure and the exhaust temperature of the 
piston module are reached. A 12.6% higher thermal efficiency rela-
tive to the reference turbofan was found from multi-objective optimi-
sation for the following set of design variables: 𝑓 = 3.62%, 𝜖 = 9.55, 
OPR = 19.56, Λ = 0.319, Π𝑝 = 1.88, 𝜃𝑆𝐶 = 356.3° , Δ𝜃𝐶𝐷 = 53.2° and 
𝑚𝑤 = 1.55, with 𝑇4 = 1100.6K. Furthermore, for the assumed pressure 
drop and effectiveness, maximum intercooling should be applied. For 
the same NOx emissions as the reference, a 5.8% improvement of ther-
mal efficiency was achieved. It should be noted that an increase in 
thermal efficiency does not directly translate to an equivalent reduc-
tion in mission fuel burn, since fuel burn also depends on installed en-
gine weight and mission-level integration effects, which are outside the 
scope of this thermodynamic assessment. Under the current modelling 
assumptions, a 5.7-fold increase in NOx emissions is estimated for the 
highest efficiency cycle, highlighting the need for mitigation technol-
ogy to make the CCE viable. It should be emphasised that the absolute 
value of the NOx result should be regarded as an estimation rather than 
a quantitative prediction, and the main results are the trends.

Since all high-efficiency CCE cycles combusted virtually all fuel in 
the PM, a subsequent optimisation was carried out with the secondary 
combustor turned off. The most efficient design was 13.4% more ther-
mally efficient than the reference, with 5.3 times more NOx. It was found 
that cycles with higher core power per displacement volume were fur-
ther away from the Pareto front. Further optimisations were performed 
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with different lower bounds on 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 , which showed that higher limits 
resulted in Pareto fronts shifted towards worse designs. Limiting 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑
to above 110 kW/litre reduced 𝜂𝑡ℎ by 2.1% for the most efficient cycle 
and increased NOx by 162% for the design with lowest emissions.

The study was built on many assumptions regarding modelling pa-
rameters and physical limits, which lead to a sensitivity study. Largest 
uncertainty was found for the predicted NOx emissions, which showed 
a high sensitivity to the parameters of the two-zone model. For point B
on the Pareto front, NOx changed (+116.5%, −62.1%) when the flame 
temperature calibration factor 𝐶𝑓𝑙 was varied ±10%. Of the piston en-
gine and intercooling performance parameters, the cylinder wall tem-
perature and heat transfer coefficient had the largest impact, where a 
variation of ±10% resulted in ≈ ±0.75% and ≈ ±0.9% change in ther-
mal efficiency, respectively. Upper bounds on peak cylinder pressure 
and exhaust temperature were found to shift the Pareto front, with 𝑝max
±50bar changing maximum 𝜂𝑡ℎ by (+1.48%, −2.60%) and 𝑇34 ±100K 
changing maximum 𝜂𝑡ℎ by (+0.69%, −1.57%).

5.1. Limitations

This study is limited to a thermodynamic assessment of the inter-
cooled CCE cycle at top-of-climb. Installation effects, off-design per-
formance, and mission-level integration are outside its scope. Con-
sequently, the multi-objective optimisation identifies thermodynamic 
Pareto-optimal solutions, and these should not be interpreted as aircraft-
level or mission-level optimal designs. No component mass estimates are 
included for the piston structure, heat exchangers, buffer volumes, gear-
box, auxiliary compressor, or ducting. Core power per displacement vol-
ume, 𝑊̇𝑐𝑜𝑟𝑒,𝑉𝑑 , is therefore used strictly as a measure of thermodynamic 
power density and not as a proxy for installed engine weight. Similarly, 
buffer volumes and other flow volumes are not physically sized in this 
work. Their assumed effect on turbomachinery efficiency losses is in-
stead based on prior assumptions [25]. The study also excludes LTO-
cycle emissions, particulate emissions and contrail effects. Any mechan-
ical challenges regarding lubrication or power transmission associated 
with the 24-cylinder piston module have not been studied nor accounted 
for.

In the parametric study, 𝑇4 was held constant except for the study on 
𝑇4. This forced more combustion into the secondary burner when 𝑇35 de-
creased, from e.g. higher compression ratios or increased intercooling, 
which deteriorated the cycle efficiency. This setting limited the para-
metric study from revealing all the trends and optima that were later 
found in the optimisation. However, obtaining any meaningful results 
from parametric sweeps without the secondary burner is very hard since 
the design space is so limited. The parametric study with fixed 𝑇4 still 
proved to generate meaningful CCE trends, in which the key effects of 
individual parameters were found.

5.2. Outlook

NOx mitigation strategies for the CCE represent an important direc-
tion for future research. Potential methods include exhaust gas recircu-
lation, steam injection, or lean combustion techniques such as homo-
geneous charge compression ignition. However, each comes with addi-
tional losses and challenges: exhaust gas recirculation requires an addi-
tional heat exchanger, homogeneous charge compression ignition limits 
OPR due to premature ignition, and steam injection requires the on-
board storage of water or a complex and heavy water extraction system 
for the engine exhaust.

Although significant challenges remain for the CCE, particularly re-
garding NOx emissions, the study confirms the thermodynamic advan-
tage of the engine, as well as how efficiency and power density can be 
traded against emissions if the NOx mitigation techniques prove to be 
insufficient. The insights from the present study allowed us to fully char-
acterise the cycle behaviour and how an efficient engine could be config-
ured. The subsequent step should be to use such insights to investigate 

the climate impact potential of CCE technology, while accounting for in-
stallation effects and the incorporation of NOx mitigation pathways into 
a representative aircraft mission and fleet-level emissions assessment. 
This should be supported by a first-order mass model and physical sizing 
of the excluded components (piston structure, heat exchangers, buffer 
volumes, gearbox, ducting), enabling a full trade-off between efficiency 
and installed weight.
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Appendix A.  Piston engine friction correlations

Note that the units used in these correlations are mm and kPa. 
Crankshaft friction is composed of sealing friction, bearing hydrody-
namic friction, and turbulent dissipation in the lubricating oil:
𝑝𝑚𝑓,𝑐𝑟𝑎𝑛𝑘𝑠ℎ𝑎𝑓𝑡 = 𝑝𝑚𝑓,𝑠𝑒𝑎𝑙 + 𝑝𝑚𝑓,𝑏𝑒𝑎𝑟 + 𝑝𝑚𝑓,𝑡𝑢𝑟𝑏, (A.1)

where the sealing friction is estimated as:

𝑝𝑚𝑓,𝑠𝑒𝑎𝑙 = 1.22 ⋅ 105 ⋅
𝑑𝑏

𝑛𝑐 ⋅ 𝑠 ⋅ 𝑑2
, (A.2)

with bearing diameter, 𝑑𝑏 and number of cylinders, 𝑛𝑐 . Our engine con-
cept assumes that two V12-engines are used. For V-engines with two 
connecting rods per pin, the following relations are given: 𝑑𝑏 = 0.62 ⋅ 𝑑
and 𝑙𝑏 = 0.4 ⋅ 𝑑𝑏, where 𝑙𝑏 is the bearing length. The hydrodynamic fric-
tion in the bearing is given by:

𝑝𝑚𝑓,𝑏𝑒𝑎𝑟 = 3.03 ⋅ 10−4 ⋅
𝑁 ⋅ 𝑑3𝑏 ⋅ 𝑙𝑏 ⋅ 𝑛𝑏
𝑑2 ⋅ 𝑠 ⋅ 𝑛𝑐

, (A.3)

where 𝑁 is the engine speed in revolutions per minute and 𝑛𝑏 is the 
number of bearings. The turbulent dissipation of oil in the crankshaft is 
estimated to be:

𝑝𝑚𝑓,𝑡𝑢𝑟𝑏 = 1.35 ⋅ 10−10 ⋅
𝑑2𝑏 ⋅𝑁2 ⋅ 𝑛𝑏

𝑛𝑐
. (A.4)

The engines also experience losses due to the oscillating motion of 
the piston, which is broken down into friction from the piston skirt, 
piston ring friction, ring friction from gas pressure, and connecting rod 
friction:

𝑝𝑚𝑓,𝑝𝑖𝑠𝑡𝑜𝑛 = 𝑝𝑚𝑓,𝑠𝑘𝑖𝑟𝑡 + 𝑝𝑚𝑓,𝑟𝑖𝑛𝑔 + 𝑝𝑚𝑓,𝑔𝑎𝑠 + 𝑝𝑚𝑓,𝑐𝑜𝑛𝑟𝑜𝑑 . (A.5)
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The friction of the piston skirt is given by the following:

𝑝𝑚𝑓,𝑠𝑘𝑖𝑟𝑡 = 2.94 ⋅ 102 ⋅
𝑣̄𝑝
𝑑
, (A.6)

piston ring friction:

𝑝𝑚𝑓,𝑟𝑖𝑛𝑔 = 4.06 ⋅ 104 ⋅
(

1 + 1000
𝑁

) 1
𝑑2

, (A.7)

and the increase in ring friction due to the gas pressure:

𝑝𝑚𝑓,𝑔𝑎𝑠 = 6.89
𝑝𝑖
𝑝𝑎

(

0.088𝜖 + 0.182𝜖(1.33−𝐾𝑣̄𝑝)
)

, (A.8)

with 𝐾 = 2.38× 10−2 s/m and 𝑝𝑖 is the intake pressure. The friction of 
the connecting rod bearing is again given by Eq. (A.3), with the bearing 
dimensions given by: 𝑑𝑏 = 0.67 ⋅ 𝑑 and 𝑙𝑏 = 0.39 ⋅ 𝑑𝑏.

The friction of the valvetrain arises from the camshaft, cam follower, 
and valve actuation mechanism:
𝑝𝑚𝑓,𝑣𝑎𝑙𝑣𝑒𝑡𝑟𝑎𝑖𝑛 = 𝑝𝑚𝑓,𝑐𝑏𝑒𝑎𝑟𝑖𝑛𝑔 + 𝑝𝑚𝑓,𝑓𝑜𝑙𝑙𝑜𝑤𝑒𝑟 + 𝑝𝑚𝑓,𝑐ℎ𝑦𝑑𝑟𝑜 + 𝑝𝑚𝑓,𝑐𝑚𝑖𝑥𝑒𝑑 . (A.9)

The camshaft bearing friction is composed of one hydrodynamic term 
which varies with 𝑁 and one constant term due to the sealing friction:

𝑝𝑚𝑓,𝑐𝑏𝑒𝑎𝑟𝑖𝑛𝑔 = 2.44 ⋅ 102 ⋅
𝑁 ⋅ 𝑛𝑏

𝑑2 ⋅ 𝑠 ⋅ 𝑛𝑐
+ 4.12, (A.10)

with the number of camshaft bearings being equal to the number of 
main bearings multiplied by the number of crankshafts. In this work, 
a double overhead camshaft is assumed. For roller cam followers, the 
friction comes from the rolling resistance and is estimated as:

𝑝𝑚𝑓,𝑓𝑜𝑙𝑙𝑜𝑤𝑒𝑟 = 0.005 ⋅
𝑁 ⋅ 𝑛𝑣
𝑠 ⋅ 𝑛𝑐

, (A.11)

where 𝑛𝑣 is the total number of valves. In addition, the friction between 
all oscillating parts in the valvetrain is represented by one hydrodynamic 
term for the friction between two surfaces in relative motion:

𝑝𝑚𝑓,𝑐ℎ𝑦𝑑𝑟𝑜 = 0.5 ⋅
𝑙1.5𝑣,𝑚𝑎𝑥 ⋅ 𝑛𝑣 ⋅

√

𝑁

𝑑 ⋅ 𝑠 ⋅ 𝑛𝑐
(A.12)

and one term for when the relative velocity of the surfaces approaches 
zero:

𝑝𝑚𝑓,𝑐𝑚𝑖𝑥𝑒𝑑 = 10.7 ⋅
(

1 + 1000
𝑁

) 𝑙𝑣,𝑚𝑎𝑥 ⋅ 𝑛𝑣
𝑠 ⋅ 𝑛𝑐

, (A.13)

where 𝑙𝑣,𝑚𝑎𝑥 is the maximum valve lift.
Finally, the losses of the auxiliary components are the oil pump, the 

water pump, and the alternator friction, estimated as:
𝑝𝑚𝑓,𝑎𝑢𝑥 = 6.23 + 5.44 ⋅ 10−3 ⋅𝑁 − 1.79 ⋅ 10−7 ⋅𝑁2. (A.14)

In our application, oil is assumed to act as a coolant as well, but the 
total pumping power is deemed to be similar.

The total friction mean effective pressure to be subtracted from the 
indicated mean effective pressure is given by:
𝑝𝑚𝑓 = 𝑝𝑚𝑓,𝑐𝑟𝑎𝑛𝑘𝑠ℎ𝑎𝑓𝑡 + 𝑝𝑚𝑓,𝑝𝑖𝑠𝑡𝑜𝑛 + 𝑝𝑚𝑓,𝑣𝑎𝑙𝑣𝑒𝑡𝑟𝑎𝑖𝑛 + 𝑝𝑚𝑓,𝑎𝑢𝑥. (A.15)
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